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Abstract

Keywords: Heat Exchanger, Aero Engine, Gas Turbine, Structural-Mechanics,

Predesign, Failure Modes

The usage of heat exchangers in aero engines can contribute to a higher fuel efficiency
and a lower climate impact. While the thermo- and fluid dynamics of heat exchangers
have been extensively studied, there is a lack of comprehensive structural-mechanic
assessment methods for these components. This thesis aims to close this gap by
deriving simplified methods applicable in the preliminary design process to assess
the most important failure modes of two heat exchanger types, the Plate-Fin Heat
Exchanger and the Tube Bundle Heat Exchanger. The plausibility of the results

created with these methods is assessed.

The methods applied to the Tube Bundle Heat Exchanger yield a satisfactory over-
all structural-mechanic assessment. The methods employed for the Plate-Fin Heat
Exchanger can, in general, assess its structural integrity. However, the influence of

thermal stresses can not be evaluated satisfactorily.

The influence of operational and geometrical parameters on the failure modes has
been investigated. Corrosion leads to significant required augmentation in the heat
exchangers’ mass and hence has to be avoided to keep the component reasonably
lightweight. The design driving failure modes for both types of heat exchangers
depend on the operational conditions. To enhance structural integrity in a mass-
efficient manner, it is recommended to increase the plate and tube thickness for each
respective heat exchanger type. However, after reaching a certain plate thickness,
the stresses of the Plate-Fin Heat Exchanger increase with increasing plate thickness

due to the thermal stresses dominating the pressure stresses.

The methods developed in this thesis can serve as a foundation for the structural-

mechanic assessment of heat exchangers.



Kurzfassung

Schliisselworter: Warmetauscher, Flugantrieb, Gasturbine, Strukturmechanik,

Vorauslegung, Schadensmechanismus

Der Einsatz von Wéarmetauschern in Flugantrieben kann zu einer verbesserten Brenn-
stoffeffizienz und einer geringeren Klimabelastung beitragen. Die thermo- und fluid-
dynamischen Eigenschaften von Warmetauschern wurden bereits ausgiebig unter-
sucht. Es fehlt jedoch an umfassenden strukturmechanischen Bewertungsmethoden
fiir derartige Komponenten. Die vorliegende Arbeit soll diese Liicke schlieflen, in-
dem vereinfachte, im Vorauslegungsprozess anwendbare Methoden zur Bewertung
der wichtigsten Versagensarten von zwei Wérmetauschertypen, dem Lamellenwar-
metauscher und dem Rohrbiindelwéarmetauscher, abgeleitet werden. Die mit diesen

Methoden erzielten Ergebnisse werden auf ihre Plausibilitat hin tiberprift.

Die fiir den Rohrbiindelwarmetauscher angewandten Methoden ermdéglichen eine
prazise strukturmechanische Gesamtbewertung. Die fiir den Lamellenwérmetauscher
angewandten Methoden konnen grundsatzlich zur Bewertung der strukturellen Inte-
gritat genutzt werden. Thermalspannungen konnen jedoch nicht mit ausreichender

Genauigkeit bewertet werden.

Zusatzlich wurde der Einfluss von Geometrie- und Betriebsparametern auf die Scha-
densmechanismen untersucht. Korrosion fithrt zu einer erheblichen Erhéhung der
Masse des Warmetauschers und muss daher vermieden werden, um das Bauteil mog-
lichst leicht zu halten. Die fiir die Konstruktion mafigeblichen Versagensarten hén-
gen bei beiden Arten von Wéarmetauschern von den Betriebsbedingungen ab. Um
die strukturelle Integritat auf masseneffiziente Weise zu verbessern, wird grundsétz-
lich empfohlen, die Platten- und Rohrdicke fiir den jeweiligen Warmetauschertyp
zu erhohen. Ab einer bestimmten Plattendicke allerdings steigen die Spannungen
im Lamellenwarmetauscher mit zunehmender Plattendicke wieder. Die thermischen
Spannungen nehmen in diesem Fall stéarker zu als die Druckspannungen sich durch

die zuséatzliche Dicke reduzieren.

Die in dieser Arbeit entwickelten Methoden kénnen als Grundlage fir die struktur-

mechanische Bewertung von Warmetauschern dienen.
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1 Introduction

1.1 Motivation

In recent years, enabling sustainable aviation has become more and more important
to politics and society. Multiple governing bodies have developed ambitious plans to
adhere to the 1.5 °C target defined by the Paris Agreement. The International Civil
Aviation Organization (ICAO) aims to reach net-zero COs emissions from global
aviation by 2050 [16]. Other heat-trapping gases like nitrogen oxide or methane
contribute to the warming as well. While they may not be as abundant in the
atmosphere as CO, is, they can trap more heat. Further phenomena, like high-
altitude ice-cirrus clouds, known as contrails, can lead to reflections and can therefore
trap heat as well. These non-CO5 emissions contribute to the global warming. While
those emissions are not as well understood, they have received more attention from

politics recently, emphasizing their significance [17].

The aviation industry aims to decrease fuel burn, which is proportional to emitted
COq, by 2.1 % per year [18]. However, due to increasing globalization, especially in
emerging countries, air traffic around the world is expected to grow by 4.3 % per
year [19], leading to an increase in fuel burn, and hence COy emissions of 2.2 %
per year. While evolutionary technologies may still offer improvements in specific
fuel consumption, these benefits are gradually more expensive to achieve over time
as the technologies become more optimized. Therefore, new revolutionary concepts

enabling a step change in fuel efficiency are required.

One of the proposed concepts is the Water-Enhanced Turbofan (WET) concept. It
utilizes the Cheng cycle, which is a combination of the conventional Joule-Brayton
cycle with a Clausius-Rankine cycle. In general, its components and general setup
are comparable to the Geared Turbofan (GTF). However, steam is injected into
the combustion chamber and later recovered from the exhaust gas. This new engine
concept promises significant reductions in NO, and soot particle emissions, as well
as the formation of contrails. A vaporizer provides the required superheated steam,
which is generated using heat contained in the exhaust gas. To avoid the need for

large water tanks, as much water as possible needs to be extracted from the exhaust
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gas mixture using a condenser. Both vaporizer and condenser are high-performant

two phase heat exchangers.

Heat exchangers (HXs) are widely used in different applications. However, the im-
plementation of HXs in large civil aircraft applications is yet to be investigated. To
ensure safe flight, the structural integrity of the HXs needs to be guaranteed in all
flight states and over the complete engine lifetime. With high temperature and pres-
sure gradients as well as rough ambient conditions and phase changes from water to

steam (and back), the HXs face significant structural challenges.

The development process in the aerospace industry typically follows different design
stages. The most important ones are the conceptual design, preliminary design, and
the detailed design phase. The conceptual design process involves the creation of
new engine concepts. During the preliminary design stage, the concepts are investi-
gated more thoroughly. It is then further developed during the detailed design stage.
The preliminary design stage, involving the investigation of the concept by simple
methods, is especially important. During and especially after this phase, changes to
the design are significantly more costly and the design freedom in general reduces.
Therefore, a proper assessment of the component during the preliminary design is

inevitable.

To properly assess different technologies and ease integration into the engine, an
accurate prediction of geometry and mass is required during the preliminary design
stages. Vaporizing great amounts of steam and condensing equally great amounts
of water is only possible by using a large heat transfer area leading to large HXs.
Therefore, both vaporizer and condenser significantly influence the WET concept’s
geometry and mass. Being one of the geometry and mass-defining components of the
WET concept and highly stressed at the same time emphasizes the need for suitable

structural-mechanic predesign methods.

1.2 Goals

The goal of this thesis is to derive methods for the structural-mechanic predesign
of both vaporizer and condenser. Both the Plate-Fin Heat Exchanger (PFHE) and
the Tube Bundle Heat Exchanger (TBHE) are investigated. First, possible failure
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modes of each heat exchanger type are collected and assessed according to their
impact on mass and geometry as well as to their severity in case of failure. Then, the
design driving failure modes are derived. For each of these failure modes, appropriate
methods for their structural-mechanic assessment are derived. All methods need to
provide adequate accuracy while featuring a low computation time. The derived
methods will be implemented in Numerical Propulsion System Simulation (NPSS).
The plausibility of the derived methods is checked, and the sensitivity of the methods
to uncertainties is investigated. Ultimately, design studies on the impact of changes

in the geometric properties of the heat exchangers are conducted.



2 Introduction to Heat Exchangers
in Aero Engines and Occurring

Failure Modes

In this chapter, a brief overview of the usage of heat exchangers in gas turbines is
presented first. Then, Section 2.2 presents the WET concept, one example of using a
heat exchanger in an aero engine. It involves the utilization of a PFHE and a TBHE.
Both HXs will be explained in Sections 2.3.1 and 2.3.2.

2.1 Heat Exchangers in Aero Engines

Using heat exchangers in the engine cycle itself allows recuperating heat energy from
the exhaust gas and can, therefore, lead to decreases in SFC [6]. However, while the
recuperation of heat in the exhaust gas promises a reduction in SFC, NO, and noi-
se emissions, the constructive effort required for the design and integration of heat
exchangers is significant [20]. Therefore, to the author’s knowledge, no existing aero
engine features heat exchangers integrated in the engine cycle. Currently, heat ex-
changers in aero engines are commonly used outside of the actual engine cycle, e.g.,
for cooling oil or air. However, heat exchangers play an important role in multiple
revolutionary engine concepts. Examples are the flying fuel cell and the WET con-
cept. The WET concept is used as use case in this thesis; the findings and methods

can be applied to other engine concepts as well.

2.2 Water-Enhanced Turbofan (WET) Concept

The WET concept, shown schematically in Figure 2.1, is a gas turbine cycle concept
involving the injection of steam into the combustion chamber. The concept of steam
injection into gas turbines has been investigated since the 1950s. It has been mainly
used in stationary gas turbines [21, 22] or as a mean for short thrust augmentation
in aircraft without recovering the water [23]. The concept of injecting steam and

subsequently recovering the water in a flying aero engine was first introduced by
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Steam Condenser | Water

Superheated Steam H : :
Generator i Recovery

Feed Water ~ Water  Condensate
Pump Reservoir Pump

Figure 2.1: Schematic process and involved components of WET concept, from [1].

[1] in a concept now known as WET concept. It utilizes the Cheng cycle, which is
a combination of the Joule-Brayton cycle, currently used in aero engines, with a
Clausius-Rankine cycle involving water as working fluid. Steam is generated using
the heat from the exhaust gas and then injected into the combustion chamber. This
increases the specific heat capacity and the mass flow rate of the gas mixture and
hence leads to a more efficient thermodynamic cycle. As carrying a large water tank
leads to additional weight and integration challenges, the required water needs to be
recovered from the exhaust gas mixture, leading to a quasi-closed circle. The WET
concept is expected to reduce the SFC, NO, emissions by 90 % and the radiative
forcing by contrail cirrus by 50 %, leading to a substantial reduction of overall
climate impact. [1, 24, 25, 26] The WET concept has been further investigated in
[27, 28], estimating the weight of the propulsion system to be significantly higher due
to the integration of the heat exchangers. While the components of the aero engine,
excluding the components for heat recovery, are estimated to be 15 % lighter, the
additional components for exchanging the heat and recovering the water are expected
to increase the overall propulsion system weight by 40 % compared to a conventional
propulsion system [1]. The large influence on overall mass shows the importance of

proper HX predesign.
2.3 Introduction to Selected Heat Exchanger Types

2.3.1 Plate-Fin Heat Exchanger

The PFHE is similar to a plate HX. However, fins are added to extend the surface
of the heat exchanger. Fins increase the surface area significantly and hence allow
for a compact HX able to exchange significant amounts of heat. Figure 2.2a shows

one passage, while Figure 2.2b shows the setup of a cross-flow PFHE. Side bars
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Side bar

Plate or parting sheet %
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a) Components of a PFHE, from [2] b) Setup of a cross-flow PFHE, from [29]

Figure 2.2: Characteristic setup of PFHE

and upper and lower plates bound the flow of the medium. The fins are enclosed
between both plates. They serve the main purpose of increasing the heat transfer
area. However, they can enhance the structural strength and rigidity of the structure
as well. The fins are typically die-formed or roll-formed. They are attached to the
plates, using, e.g., brazing, soldering, or welding. Common design parameters include
the fin thickness, fin height, and the fin density, which is the number of fins per unit
length. A higher fin density leads to a higher surface area density. PFHE are used

since the 1910s in cars and since the 1940s in aircraft.

2.3.2 Tube Bundle Heat Exchanger

TBHE are similar to shell-and-tube HX, however, no shell is present. A tube bundle,
consisting of multiple tubes, facilitates the first medium. The second medium flows
around the tubes. Their configuration can be closed (shelled) or open. An example is
shown in Figure 2.3. This type of HX offers considerable design flexibility, featuring
different tube arrangements and varying shell diameters and lengths. Its layout can
be adjusted to operate with different types of fluids and in different applications.
Furthermore, it’s robust and reliable. TBHE are especially suitable for very high
operating temperatures and pressures. Their heat transfer area can be enhanced by

using fins on the inside or outside of the tube. [2]

As shown in Figure 2.4, the fins can either be attached to the tubes without a
connection between all plates (a) or as continuous plates connecting the tubes to-

gether (b). The fins can feature different shapes including plain, wavy or serrated
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Figure 2.3: Example of tube bundle heat exchanger ©MTU Aero Engines AG

shapes can be used. They are mostly applied in cases where the outside flow has a
lower heat transfer coefficient than the flow inside the tube (e.g. in the example of
exhaust gas as outside flow and liquid water as inside flow). To balance the thermal

conductance, the surface area is increased using fins.

2.4 Failure Modes

The sections above gave a brief overview of two different heat exchanger types and

the WET concept as one exemplary use case of large heat exchangers. A structural

Figure 2.4: Different types of tube-fin HXs with (a) individually finned tubes and
(b) continuous fins, from [2]
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assessment of the heat exchangers is required to ensure their integrity over the
whole lifetime. A method commonly used during the design process in the aerospace
industry is the failure mode and effects analysis. It involves the derivation of the
consequences resulting from a specific item or function failing. A complete failure
mode and effects analysis is beyond the scope of this thesis. However, its first step,
which is the collection of the possible failure modes, provides a good overview for
the structural assessment. To ensure structural integrity all failure modes have to
be covered by adequate assessment methods and/or constructive measures to avoid
them. [30]

The most commonly occurring failure modes of mechanical components include cor-
rosion, fracture, buckling, creep, fatigue as well as deformation [31, 32]. Deformation
can be assessed in a similar way to fracture: instead of comparing the acting stress
to the stress limit of the material leading to fracture, the acting stress can be compa-
red to the stress limit leading to plastic deformation. It is, therefore, not specifically

listed in this thesis but covered in Section 2.4.3.

Failure modes are typically a result of stressors. One can distinguish between diffe-
rent principal categories of stressors: Mechanical stresses are induced by applying a
force either by solid contact or via hydrostatic pressure. These stresses can be either
static, dynamic, or impact stresses, depending on the occurrence and magnitude of
the resulting stress. Environmental factors, like present oxygen, moisture, or heat,
can lead to stresses in the form of oxidative potential or elevated temperature. The-
se environmentally-induced stresses can lead to corrosion, softening, or deformation.
Furthermore, the interaction between environmental factors, like an elevated tem-
perature, and mechanical stress can lead to creep. Finally, electromagnetic waves

interact with the material through their radiation energies. [32]

All stressor categories can occur in an aircraft. However, their influence varies. In
heat exchangers, no significant electromagnetic waves should occur. Therefore, this
thesis focuses on mechanical stresses and environmental factors. Interactions between
mechanical stresses and environmental factors are investigated as well, including

thermo-mechanical loads.
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2.4.1 Corrosion

Corrosion forms another important failure mode of materials. Material is wasted
or degraded through chemical attack by environmental species. This can include
water or oxygen as well as high temperatures. The latter is called high-temperature

corrosion.

Corrosion is highly dependent on the environmental conditions. These include the
temperature as well as the corrosive medium. Additionally, differences exist between
cyclic, intermittent immersion in the environment, and continuous immersion. In
general, especially in high temperature applications, cyclic testing should yield an
increased corrosion rate due to the repetitive acting of thermal stresses. However,
comparing two nickel-based alloys, a reduction of the corrosion rate in cyclic behavior

compared to a continuous immersion was found. [33]

2.4.1.1 Relevance for Structural Design of Heat Exchangers

In PFHE, corrosion is one major failure mode, especially in the automotive and
aerospace sectors, due to the occurring environmental conditions. It is dependent on
the fluid parameters. High temperatures, low-pressure wet steam, and a high con-
centration of ions like sulfate, nitrate, chloride, oxygen, and iron enhance corrosion.

Sudden changes in Reynolds number can increase the corrosion rate as well.

Corrosion is occurring often in TBHE as well. It can occur due to the intrusion of

foreign materials, due to vibration, and due to uniform attack [34].

In general, one can distinguish seven types of corrosion. The first one, general cor-
rosion, is characterized by a uniform attack over the whole component. Adequate
material selection can prevent it. Pitting corrosion is another type of corrosion. A
preexisting damage, e.g., a scratch or dirt, forms a pit. The resulting difference in
oxygen concentration leads to an electrochemical potential in and outside of the pit.
The resulting concentration cell corrodes the material inside the pit, increasing its
size. Residual stresses from manufacturing can lead to a third type of corrosion,

called stress corrosion. The introduced, fine cracks open the grain boundary, which
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then gets corrosively attacked. In stainless steel tubes, the corrodent is mostly chlo-
ride ions, while in copper tubes, ammonia acts as a corrodent. The phenomenon
is commonly known as Stress Corrosion Cracking (SCC ) Dezincification can
occur at high temperatures and low pH values in alloys with more than 15 % zinc.
The selective removal of zinc leads to a porous, copper-dominated material with less
mechanical strength. Another corrosion type is galvanic corrosion. It occurs when
dissimilar metals are joined in the presence of an electrolyte. An increase in the dif-
ference between the noble of a metal leads to an increased risk of galvanic corrosion.
Secluded areas or dirt accumulation can lead to localized cells enhancing crevice
corrosion. It leads to metal loss with local pits. Stagnant conditions are required
for crevice corrosion to occur. Condensate grooving is described as the last type of
corrosion. It occurs on the outside of steam-to-water HX tubes. Condensate runs
along the outside of the tube, forming a groove. The wetted area forms a corrosion
cell, especially if the condensate is aggressive. Controlling its pH value and regular

cleaning of the tubes can prevent condensate grooving. [35, 36]

Additionally, vibration can cause fretting corrosion, which is corrosion resulting from
damage to the protective film caused by chafing of adjacent parts. To prevent vi-
brations, the tube bundle should act as a single entity. Additional anti-vibration

support can be used as well. [37]

Corrosion can be present in the entry region of the tubes at the inlet. This coincides
with the location where the tubes are normally joined to the tube sheets. Internal and
external corrosion can occur there. The joining of the tubes induces residual stresses,
leading to circumferential SCC . Due to the tight fit, missing ventilation can

lead to chloride buildup and, hence, crevice corrosion. [38]

The reduction of material thickness per time, called corrosion rate, is dependent

on the temperature and on the material, as well as the environmental conditions.

Typically, it is given in 22| indicating the reduction in thickness due to the corrosive
year

medium per year.

10
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2.4.1.2 Possible Constructive Measures and Assessment Methods

Industry norms, like [39], summarize constructive measures for unfired pressure ves-
sels. Different forms of corrosion and erosion are concluded under one term: corrosion.
A corrosion allowance defines the material added to the required net wall thickness
to account for the reduction in wall thickness due to corrosion. However, corrosion
allowance is no means to protect the component against SCC or pitting. These
two forms of corrosion can be prevented by using well-suited materials, proper pro-
tective films, or appropriate manufacturing processes. Further protective measures
include the usage of a corrosion allowance, which is an additional wall thickness, as
well as the avoidance of sharp edges and dead spaces or the usage of special con-
struction elements. The corrosion rate influences the heat transfer, dependent on the

temperature gradient over the boundary layer near the wall. [40]

The amount of corrosion allowance is not well-defined in the literature. Some propose
adding a lump-sum, like 1 mm, 2 mm, or 4 mm [41], 3 or 6 mm [42], between 0.3
mm and 3 mm [43] or 1.6 mm or 3.2 mm [44], dependent on the corrosiveness of the
environment and the material itself. Others propose a corrosion allowance ¢ based
on the product of the corrosion rate per year C'R and the expected lifetime in years
LT [43, 45], as described in Equation 2.1.

c=CR*LT (2.1)

However, adding a corrosion allowance is not recommended for plate HX, as typically
the plates are much thinner than the tubes, and hence, the corrosion allowance would
dominate the weight of the plate [46]. If possible, corrosion-resistant materials are
recommended. However, if no corrosion-resistant materials with sufficient strength

exist, a corrosion allowance can be used.

A different method can be used to estimate the corrosion lifetime of a protecti-
ve layer. It relies on material data on the corrosive behavior of corrosion lifetime
depending on the material temperature. An exemplary curve is shown in Figure
2.5. Using the data from this characteristic, the total corrosion lifetime of a missi-
on covering different environmental conditions can be estimated by linear damage

accumulation. [3, p. 8-11]

11
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Figure 2.5: Material characteristic of protective layer lifetime Lo, with temperature
T, from [3, p. 10]

2.4.2 Erosion

Erosion specifies the mechanical abrasion of the surface of a material [32]. It can
occur in most systems. Its rate is influenced by the fluid velocity, which can be
increased, especially in bends and sudden changes of the flow path, the material
itself, as well as the roughness of the chosen material [47]. A higher flow velocity can
lead to a higher impact velocity of particles in the fluid. Therefore, limiting fluid

velocity can be one measure to reduce the effects of erosion [35].
2.4.3 Fracture/Strength

Fracture is defined as the separation of one component into two or more parts occur-
ring in a relatively short amount of time. Two fracture mechanisms exist: ductile and
brittle fracture. Ductile fracture, seen in the sample (c) in Figure 2.6 is characterized
by yielding and plastic deformation. The von Mises stress acting on the component
exceeds the uniaxial tensile stress of the material. The material is plastically de-
formed and, ultimately, fractures as the resulting stress increases with decreasing
cross-sectional area due to the deformation process. Sample (c) represents a com-
pletely ductile fracture, with the fracture area being infinitesimally small. However,
in reality, ductile fracture looks more like sample (b) in the same Figure 2.6. Britt-
le fracture, in contrast, can occur even if the applied stresses are below the yield
stress. It can develop due to stress concentrators in the material, like pre-existing

imperfections in the material. Brittle fractures feature little plastic deformation, as

12
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11
ALl

Figure 2.6: Overview showing different types of fractures: Brittle (a), ductile (b),
and completely ductile (¢), from [4]

can be seen in the sample (a) in Figure 2.6. A brittle fracture can even occur with
no plastic deformation at all. The dominant fracture mechanism depends on several
influence factors, like the acting stress level, the presence of pre-existing defects,

material properties, and environmental conditions. [32]

2.4.3.1 Relevance for Structural Design of Heat Exchangers

Fracture of PFHE has been investigated in two main operational environments: One
is in cryogenic environments with high pressure differences and low temperature
differences [48, 49, 50] and the other is in conditions featuring high temperatures
and pressures, like in nuclear reactors [51, 52, 53, 54, 55]. However, all analyses
employed FEM. The location of the highest stresses occurs at keen-edged geometric
structures [48], especially at the joints [53, 54, 55]. Additionally, connections between
components with different material properties, like different thermal expansion coef-
ficients and stiffnesses, lead to increased stresses [49, 51, 52]. The resulting stress can
either be driven by temperature gradients leading to different thermal expansion or
by pressure gradients. The dominant stress source depends on the operational con-
ditions. In cryogenic conditions, the pressure loads are more dominant [48, 50, 55].
However, in conditions with high temperature differences, the temperature induced

stresses dominate the pressure loads even if significant pressures occur [54].

13
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Fracture can occur in TBHE as well. It can be caused by several reasons, including
steam or water hammering or a loss of cooling water. Steam or water hammering
occurs due to rapid changes in flow velocity which lead to damaging pressure surges,
while a loss of cooling water leads to overheating and potential melting of the ma-
terial. It occurs at high temperature and pressure gradients in bends and locations

of the tube, where the thermal expansion is restricted. [35, 36]

An investigation of a cross-counter flow HX for usage in an intercooled recuperative
aero engine, depicted in Figure 2.7, emphasized the importance of performance and
structural mechanics in an HX analysis. The temperature profiles and stress distri-
butions vary significantly during different operational phases, such as acceleration
and deceleration. Using FEM, the location of the maximum stresses has been de-
termined to be the connections between different structural parts, identical to the
PFHE. [5]

Air in from Compressor

b

Air out to Combustor
Gas Flow from Turbine

Figure 2.7: Lancet heat exchanger as described in [5], from [6]

2.4.3.2 Possible Constructive Measures and Assessment Methods

Preventive measures for mechanical failure include the usage of steam traps and
proper material selection as well as proper sizing [35, 36]. Often, the design of HXs
follows well-established norms, like [39]. It includes sizing guidelines based on pres-
sure as well as thermal stresses and mechanical loading. A strength assessment of the

TBHE from [5] investigated the lancets as well as connecting pipes. The lancets were

14
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modeled as two cylindrical tubes with equivalent cross-section. Based on the take-off
conditions, stresses due to the inner overpressure, as well as stresses due to the flow
of the exhaust gas, have been calculated and superimposed. Calculation methods
have been derived from [56]. With the chosen geometrical parameters, strength was
sufficient. However, foreign object damage (FOD) could damage the HX, leading to

leakages and, subsequently, an increase in fuel burn. [57]

Increasing wall thickness leads to a higher safety factor against pressure differences.
However, a higher wall thickness increases thermal stresses [56]. The necessary entry
and exit tubes in PFHE lead to locally different temperature profiles and hence

stresses, making a structural assessment difficult [20].

2.4.4 Buckling

Buckling is a geometric instability phenomenon. An excessive axial compressive load
beyond a critical value leads to significant out-of-plane bending displacements. Until
this displacement occurs, the work done by the applied force is stored as compression.
However, at some point, the stiffness is too low to withstand the compression, and
thus, the additional work done by the load is stored as bending strain energy, and
the material deforms. This nonlinear phenomenon is especially relevant for thin

structures, like plates, as the stiffness against compression is low. [58]

The literature research revealed no cases of buckling in either TBHE or PFHE.
Additionally, the author has found no specific constructive measures or assessment
methods for buckling in the literature. However, general structural mechanics laws

for plate buckling apply.

2.4.5 Fatigue

In many cases, a component is loaded by an average stress as well as an alternating,
additional stress. Fatigue accounts for these changing stress levels. It is the most
common mechanical failure mode caused by alternating, repeating, or randomly
recurring stresses on a system. Failure occurs as soon as the magnitude of applied
stresses exceeds the fatigue strength. Each fatigue strength responds to a set number

of cycles for which the stress can be applied. One distinguishes two types of fatigue:
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low-cycle fatigue (LCF'), meaning that failure occurs at a small number of cycles (e.g.
less than 10? cycles) and thus under a higher stress and lower frequency, and high-
cycle fatigue (HCF'), which is described by failure after a high number of cycles (e.g.
more than 103 cycles) and a lower stress. The specific number of cycles is dependent
on the actual material behavior. The failure development of both types consists of
three stages. First, a crack is formed during the crack initiation. Secondly, the crack
grows in the sub-critical crack propagation phase. Ultimately, final fracture occurs

if the crack reaches critical elongation. [32]

Thermal fatigue is a specific type of anisothermal LCF. Sudden heating and cooling
of components, which does occur when starting an aero engine, lead to an expan-
sion and contraction of the material, respectively. Figure 2.8 shows a turbine blade
undergoing thermal stresses. When heating up, the edges heat up faster than the
middle of the blade chord due to the thermal inertia, as shown in Figure 2.8 (a).
During cooling down, the opposite happens, with the blade edges shrinking faster
than the middle of the blade, visualized in Figure 2.8 (b). If these thermal strains

a) b) c)

Figure 2.8: Thermal breathing of a turbine blade: (a) shows the deformation during
heating, (b) shows the deformation during cooling, and (c¢) shows resul-
ting cracks forming on blade edges, from [7]

are totally or partially restricted, thermal stresses arise. Repeating these thermal
transients can result in thermal fatigue of the component, leading to cracks at the
edges, as seen in Figure 2.8 (c). In most cases, thermal fatigue acts in addition to
already existing mechanical stresses. A higher temperature gradient leads to a more

pronounced thermal fatigue, as it leads to a higher thermal stress. [59]

Thermal fatigue has been compared to the simplified case of uniaxial isothermal

fatigue. Experiments on an electrically heated and cyclically water-cooled, stainless
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steel, cylindrical specimen have been carried out and compared to results from ther-
mal and mechanical analyses using FEM. The initiation of cracks due to thermal
fatigue occurs before the initiation of cracks due to uniaxial isothermal fatigue. The
biaxial state leads to a higher hydrostatic stress compared to the latter, uniaxial
state. Hence, the biaxial stress state is more critical than the uniaxial stress state.

Therefore, uniaxial stress-life curves need to be treated carefully. [60]

2.4.5.1 Relevance for Structural Design of Heat Exchangers

Fatigue in PFHE mainly results from four root causes: An inappropriate choice
of working parameters can lead to thermal overload due to a high temperature or
to mechanical overstresses due to high stresses. Residual stresses generated during
the manufacturing process, e.g. due to welding, can lead to fatigue fracture as well.
However, proper heat treatment can often omit this root cause. Welding the material
can cause metallurgical transformation of the material, leading to undesired material
properties, like embrittlement of increased grain size. Additionally, welding can cause
porosity or microcracks in the weld deposit and heat affected zone. Special care needs
to be taken during the heat treatment to avoid reheat cracking. Vibration can lead
to crack formation and propagation. Additionally, it can damage protective films,
allowing corrosion. Especially in tight assembly zones, vibration can cause contact
between elements next to each other. The vibration itself can be caused by the
working environment of the HX as well as the fluid flow conditions, especially if the
flow is turbulent. [47]

Failure of PFHE due to fatigue has been investigated in water-nitrogen HXs ([52]),
air-nitrogen HXs ([61]) and high-temperature HXs ([62]).

Failure due to fracture occurs, similar to the fracture case, in locations with high
temperature and pressure differentials, especially at joints. If the joint is sufficiently
strong, failure occurs at the fins [62]. Independent of the location of failure, the

resulting cracks can lead to leakages. [53, 61]

Literature often employs FEM to determine the resulting stresses. To simplify the

computation, the PFHE stack can be divided into different sections, like the side-
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bars and the matrix consisting of the plates and fins. Each has assumed isotropic

properties. The resulting model is well-suited for the calculation of HXs. [52]

TBHE fail due to fatigue as well. The cyclic behavior of HXs, including start-up and
shutdown, can lead to cyclic thermal stresses if the material cannot elongate freely.
Cracks form radially around the tube, especially in bends and constrained positions.
[35]

To allow free elongation, U-shaped tubes can be used, like in Figure 2.7. Here, no

significant LCF was observed. [5]

Vibration can lead to fatigue stress cracks mainly at the point where tube movement
is restricted [35]. It can be analyzed by determining the Eigenmodes of the profile
tube package. As long as the geometry constrains the movement of the oscillations,

the component can experience HCF.

2.4.5.2 Possible Constructive Measures and Assessment Methods

The proper assessment of fatigue involves the determination of occurring load cases.
Each case occurs for a number of cycles and creates a set amount of stress. By
summing up all occurring load cases and the involved load-cycle combination, the

lifetime of a part can be assessed. [51, 52]

In general, two main approaches are described in the literature for the calculation
of the estimated life cycles for each load case: the stress-life and the strain-life ap-
proach. The underlying theory and equations will be explained below. Besides these
theoretical approaches, industry standards like [39] offer guidelines on constructive

measures against fatigue failure.

Stress-Life (0-/N) Approach The stress-life approach is the most common and
fundamental approach to fatigue estimation. It assumes that members of the same
material have the same fatigue life if the stress concentration factor and loading

history are the same. This excludes the effects of plasticity. To assess the structural
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integrity of a part, the occurring stress of each load case is compared to the material
properties displayed by the Wohler-curve. The Wéhler-curve is given for a set stress
ratio R, describing the ratio of the higher to the lower stress. Material data is
typically given for R = —1, which means alternating compression and tension with
the same stress magnitude. This leads to a zero mean stress. In practice, in most
of the cases, the mean stress is non-zero. Therefore, correction models enabling the
calculation of equivalent zero-mean stresses, like the Goodman linear model, have
been derived. [63]

The Goodman diagram, visualized in Figure 2.9, plots occurring mean stresses, o,,
and the ultimate tensile stress (UTS) of the material on the x-axis and the amplitude
of the alternating stress, o, and endurance limit, S, on the y-axis. The allowable
alternating stress, assuming zero mean stress, o, can be derived using Equation 2.2,
indicated by the dashed line in the figure. The resulting stress amplitude is hence
determined by the ratio between the acting mean stress and the UTS as well as by

the acting stress amplitude.

Alternating stress 1

S,

U‘1|'S Mean stress i

Figure 2.9: Exemplary Goodman diagram, as described in [§]

or = — 20 (2.2)
L= 7fs

Furthermore, the Goodman diagram can be used to assess HCF. Components expe-
riencing high cycle fatigue are designed for infinite life. In practical terms, a certain
number of cycles, known as the endurance limit, is assumed to be sufficient for in-
finite life. A typical value of the endurance limit is 10% cycles. To assess the load

condition and the resulting fatigue strength, each load condition is compared to the
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Goodman-line. Points below the Goodman-line are assumed to lead to infinite life,

while points above the Goodman-line lead to premature failure.

Therefore, from the Goodman diagram, load conditions falling in the region below
and to the left of the curve are assumed to be withstood for (at least) the number

of cycles equal to the endurance limit.

Despite the Goodman-linear model, further approximations exist, like the Gerber-
Equation. It is more applicable to materials with a high yield to tensile strength
ratio [64]. However, it is less conservative than the Goodman-equation, as it does
not use a linear connection between the stress at the endurance limit and the UTS,
but a quadratic one. The corresponding Gerber line therefore is to the right and

above the Goodman line, enlarging the safe life area.

Strain-Life (e-N) Approach The strain-life (e-N) prediction method is used to
determine the fatigue life of materials, particularly under significant plastic defor-
mation. Therefore, it is especially suited for LCF. The fatigue life estimation of a
component is based on its strain behavior under cyclic loading conditions. The under-
lying assumption provides that components from the same material under identical
cyclic loads will exhibit similar local strains and, thus, fatigue lives. It accounts
for influences of the load history, geometric shape and the material. It can thus
yield an improved accuracy compared to the Stress-life approach. However, extensi-
ve knowledge of the material’s strain behavior is required. The structural assessment
process involves deriving the strain resulting from the stress of each load case. It is

then compared to the material-specific strain-life curve.

Accumulation of Damage from Multiple Load Cases After the lifetime of each
load case is determined, the total damage and hence the total lifetime can be derived
using Miners linear damage rule, as shown in Equation 2.3. [51, 52]

n;

Dtotal = Z ﬁ (23)

J
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Diotar is the total, accumulated damage. ngycles; is the actual number of cycles for
which the load condition j occurs, and NN is the material property describing the

number of cycles the material can withstand until failure.

2.4.6 Creep

Creep is the occurrence of time-dependent plasticity under a fixed stress and elevated
temperature. The temperature often is higher than 0.5 - T}, with T,,; being the
absolute melting temperature. Three distinguishing stages exist and are shown in
Figure 2.10: The first stage, primary creep, describes the region in the strain-time
curve in which the plastic strain rate changes with time. In the second stage, called
secondary or steady-state creep, the strain rate decreases towards a constant value.
During the third stage, called tertiary creep, cavitation and/or cracking increase, and
hence, the strain increases until the material fractures. Sometimes, the secondary or
steady-state creep is omitted and the primary creep stage is directly followed by the
tertiary creep stage. [65]
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Figure 2.10: Strain-time-curve including different stages of creep, from [9]
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2.4.6.1 Relevance for Structural Design of Heat Exchangers

The importance of creep strongly depends on the temperature acting on the heat
exchanger type. Using the use case of the WET concept, significant creep is only
expected in the TBHE and not in the PFHE. However, depending on the temperature

level, significant creep can occur in the PFHE as well.

In general, creep rupture in PFHE can occur by primary stress, which is the stress
resulting directly from the loading and can occur in high-temperature environments.
The temperature of the thermal aging process, which is the temperature during the
heat exchanging process, significantly affects creep resistance. A higher temperature
generally leads to a lower creep resistance. Correction factors have been derived to
account for the changes in material properties. Failure especially occurs at fins, as
the fins are typically thinner and completely exposed to the hot flow, which leads

to higher material temperatures. [62]

In TBHE, creep can lead to intergranular, transgranular or rupture failures. It can be
caused by locally increased temperatures due to corrosion or other defects. Primary
factors influencing creep are time, temperature and stresses. Approximately 30 %
of all failures of HXs are due to creep rupture. Essential design parameters include
the scaling resistance, the wall thickness and the thermal conductivity of the tube
material. In general, tubes should feature high stiffness and denting resistance, which
are dependent on the elastic modulus and yield strength of the tube’s material as
well as the diameter and wall thickness of the tubes. However, to manufacture finned

tubes highly ductile material is required. [37]

In the cross-counter flow HX described in Figure 2.7, creep damage is only significant
at the first row exposed to the hot exhaust gas at the connection of the inner tube
to the manifold tube of the reheated air moving towards the combustion chamber

due to the highest internal pressure and hot exhaust gas temperature. [5]
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2.4.6.2 Possible Constructive Measures and Assessment Methods

Existing methods for assessing creep mainly focus on FEM analyses. Substitute
models for easing the computational effort have been developed by splitting one
complex model into several submodels with constant material properties, as can be

seen in Figure 2.11.

Plate

Wi Fin P g
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Figure 2.11: Duplex model as a substitute model for full-scale FEM analysis with
two distinct submodels: one for the plate and one for the fin [10]

The plate layer is described by ordinary power-law equations of viscoplasticity, while
the fin layer is represented using the anisotropic, compressible power-law equation.
Material parameters were derived by performing a homogenization analysis in six
cases: Tension in all directions z, y, z and shear in all planes xy, xz, yz. Verification
with a full-scale FEM model shows excellent prediction of steady-state macros-stress
under biaxial loading. However, it can only describe combinations of uniaxial tension
and simple shears. Additionally, the model cannot be used near the core bounda-
ries and, hence, for a small number of plates and fins, as significant local stress

concentrations can occur there. [10]

To allow the analysis of more complex load cases, analytical formulas for the elastic
moduli, shear moduli and Poisson’s ratios are derived using the previously mentio-
ned duplex model. The findings are verified against a full-scale FEM analysis and
experimental data. The derived formulas are in good agreement with FEM results.
Compared to the measurement, the elastic modulus in the direction of the side bar(z-
direction) is slightly higher than the measured value. This can be due to the neglect

of bending in the model. In general, elastic moduli and shear moduli increase with
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increasing face sheet thickness and fin thickness. However, elastic moduli decrease

with increasing length of the fins. [12]

Further assessment methods are described in industry norms like the DIN EN 13445
([39]). Typically, material-specific creep curves are given, involving the time until
creep ruptures for a given stress. By calculating the stress and the material tempe-
rature, the maximum allowable time at the given load condition until creep rupture
can be assessed. Creep damage can then be derived by using Miners linear damage

rule.

Overall, creep damage can be reduced either by reducing the material temperature,

choosing a more creep-resistant material, or reducing the acting stresses.

2.4.6.3 Creep-Fatigue Interaction

To estimate the total damage done by both creep damage, D,, and fatigue damage,
Dy, can be added linearly together, following Equation 2.4. The model assumes that

the fracture occurs when the total damage exceeds a critical damage D.
D.+D;=D (2.4)

However, the critical damage D needs to be determined experimentally. If one would
assume D = 1, the interaction between creep and fatigue is ignored [66]. The creep-
fatigue interaction diagram is given for 304 and 316 stainless steel, alloy 800H,
2,25Cr-1Mo alloy, 9Cr-1Mo-V steel and alloy 617, among others [67].

A creep-fatigue interaction diagram for the material assumed for the heat exchanger

in this thesis, alloy 625, does not exist. As alloy 625 is similar to alloy 617, the

creep-fatigue interaction diagram of alloy 617 is used.
2.4.7 Fouling

Fouling is the sedimentation of solid particles inside cross-sections, leading to a

reduction of the cross-sectional area and eventually to blocking. While fouling is not
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a structural failure mode, it leads to significant impacts on the performance of HXs,

including increased thermal resistance and thus reducing the HXs ability to transfer

heat. [47]

2.4.7.1 Relevance for Structural Design of Heat Exchangers

Fouling occurs especially at lower flow rates and at enhanced surfaces [47]. It leads
to a film deposited on the surface of heat transfer surfaces. It acts as an insulator,
increasing the wall temperature and corrosion risk. Increasing the fluid velocity can
aid in preventing the formation of an insulative layer. However, a velocity that is

too high increases the risk of corrosion. [35]

2.4.7.2 Possible Constructive Measures and Assessment Methods

Fouling can be prevented by sufficiently high flow velocities in both fluids and proper
operation and maintenance, including regular cleaning [36]. No literature to date is

known to assess the expected structural damage introduced by fouling.

2.4.8 Further Failure Modes

The combination of mechanical failure and chemical-induced corrosion can lead to a
quicker failure than if each of them were acting independently. The main causes are
the occurrence of erosion combined with corrosion and the combination of corrosion
with fatigue. Erosion removes the protective films due to the minerals, while ruptures
are introduced due to fatigue and break the protective film. Both increase the risk

of corrosion. [35]

High temperature hydrogen attack is stated as another failure mechanism. It oc-
curs, when carbon steel is exposed to Hy at temperatures over 205 °C. Molecular
hydrogen then converts to nascent hydrogen, which diffuses into the carbon steel
surface. There, methane is produced, which cannot escape. A pressure builds, which

eventually leads to cracks. [37]
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2.4.9 Overview of Failure Modes in Heat Exchangers

The following tables give an overview of potential failure modes identified in the

literature and their probable root causes. A more detailed description of all failure

modes can be found above. Table 2.1 shows common failure modes associated with
PFHE, while Table 2.2 addresses failure modes of TBHE.

Table 2.2: List of possible failure modes, including their root causes and location of
TBHE, as found in literature

Failure mode Root cause Occurrence Source(s)
Corrosion Condensate groo- Outside of steam- [35]
(Condensate groo- ves lead to corrosi- water HX tubes, in
ving) on cell in wet area  bend areas
Corrosion Localized cell lea- Secluded areas, un- [35]
(Crevice) ding to metal loss  der scale/dirt, sta-
gnant conditions

Corrosion Removal of zinc Alloys with more [35]
(Dezincification) from material than 15% zinc
Corrosion Electrochemical re-  Joints between me-  [35]
(Galvanic) action between two tals with different

different materials  nobilities
Corrosion Interaction ~ bet- Can occur every- [34, 36, 37, 47|
(General) ween material and where

circulating fluid
Corrosion Concentration cell Around scratches [35, 68]
(Pitting) due to different or dirts (pits)

oxygen concentra-

tions
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Table 2.2: (continued)

Failure mode Root cause Occurrence Source(s)
Corrosion ~ (SCC Residual stresses Joints of tubes and [35, 38, 69]
) from manufactu- tube sheets, insi-
ring de tubes with high
operating tempera-
ture
Erosion Excessive fluid ve- Inlet or in bends [35, 36, 47]
locity or high le-
vels of total dissol-
ved solid
Strength Excessive pressure Position with big- [5]
(Static Stress) and thermal stres- gest temperature
ses difference
Strength Sudden  pressure Can occur every- [35, 36]
(Steam hammer) changes lead to where in the region
condensation of the limit of va-
porization
Strength Weakened — struc-  Weld joints [37]
(Weld joints) ture due to welding
Fatigue (LCF) Cyclic thermal ex- Locations with re- [5, 35, 37, 47, 70]
pansion stricted expansions
or different elonga-
tions
Fatigue (HCF) Wear, crack forma- Between adjacent [5, 35, 37, 47|

tion or resonance

disaster

parts in contact or

components with
no geometrical
constraints
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Table 2.2: (continued)

Failure mode Root cause Occurrence Source(s)
Creep Excessive  opera- Position with the [5, 35, 37|
ting temperature highest materi-
al temperature

and lowest creep

resistance

Hydrogen attack Carbon steel expo- Can occur every- [37]
sed to hydrogen at where
temperatures hig-
her than 205°C

While condensate-grooving corrosion, SCC , steam hammering, and hydrogen
attack were described as failure modes of TBHE due to their range of application,
all failure modes could occur in PFHE under certain operating conditions as well.
Additionally, failures can occur due to combinations of different failure modes, such

as erosion and corrosion as well as corrosion and fatigue.

It is crucial to analyze all potential failure modes to accurately assess the structural
integrity of heat exchangers. This thesis focuses on heat exchangers operated in the
exhaust gas of jet fuel combustion. Therefore, no significant amount of hydrogen is
expected. Hence, this thesis does not investigate hydrogen attacks. However, if the
heat exchanger were to be used for hydrogen in fuel cells, hydrogen would need to

be considered as an additional failure mode.
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Table 2.1: List of possible failure modes, including their root causes and locations

of PFHE, as found in literature

Failure mode Root cause Occurrence Source(s)
Corrosion Localized cell leads Secluded areas [35]
(Crevice) to metal loss or under scale
or dirt, stagnant
conditions

Corrosion Removal of zinc Alloys with more [35]
(Dezincification) from the material ~ than 15% zinc
Corrosion Electrochemical re-  Joints between me-  [35]
(Galvanic) action between two tals with different

different conducti- nobilities

ve materials
Corrosion Interaction  bet- Can occur every- [34, 47]
(General) ween material and where

circulating fluid
Corrosion Concentration cell Around scratches [35]
(Pitting) due to differences or dirt (pits)

in oxygen concen-

tration
Erosion High levels of total locations with high [47]

dissolved solid fluid velocity
Strength Brazing material Brazed seams [49]
(Brazed joints) weaker than com-

ponents
Strength Thermal  and/or Corner region of [48, 54, 55]

(Static stress)

pressure loading

fins to either plate

Fatigue (LCF)

Different elongati-
on of two materials
leading to thermal
stresses

Joints of two mate-
rials

[47, 50, 51, 53, 61,
62]

Fatigue (HCF) Wear and crack Between adjacent [47]
formation parts in contact
Creep Excessive  opera- Fins, if  braze [10, 12, 62]
ting temperature strong enough,
otherwise braze
material
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3 Methodology

3.1 Heat Exchanger Setup

Two heat exchanger types are assessed in this thesis: PFHE and TBHE. Their re-

spective general setup and input parameters are presented in this section.
3.1.1 Plate-Fin Heat Exchanger Setup

An exemplary PFHE setup is shown in Figure 3.1, including all relevant input pa-
rameters. The stack layout can be described by the plate length [, the plate
width wplate, and the stack height h. All plates and sidebars typically have the same
thickness tpjate and tgdebar, respectively. Furthermore, each flow passage can be des-
cribed by its height h;, the fin thickness t4, 3, as well as the fin density FD;. The fin
density F'D describes the number of fins per unit length. In this thesis, the fins are
assumed to be plain fins. Typically, all fins of each flow passage are manufactured

as one corrugated sheet, leading segments parallel to the plate and the orthogonal

Z
Y
X/ |
_h2
D
h : B
tsidebar
FD, 4 tin1 o
&
<<\0 Wplate plate

Figure 3.1: Exemplary PFHE setup
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fins shown in Figure 3.1. For simplification purposes, the segments parallel to the

plate are neglected in this thesis.

The total number of passages can be calculated using Equation 3.1. Typically, PFHE
feature a large number of passages. The additional flow passage in case of equal flows
in the top and bottom passages is thus neglectable. Therefore, the calculated number
of passages is rounded to the nearest integer number, corresponding to the number

of total passages, assuming different flows in the top and bottom passage.

2- (h - tplate)

3.1
h1+h2+2-tplate-| (3:1)

Npassages = I—

The PFHE is assumed to be made of Al6061-T6, an aluminum alloy. Temperature-
dependent basic material properties are derived from [71]. Further temperature-
dependent properties, like the yield and ultimate strength, have been derived from
[72]. Fatigue curves have been used from [64]. A temperature correction factor is
described in [73]. The material temperature is calculated as the average temperature

of both the upper and lower plate surface.
3.1.2 Tube Bundle Heat Exchanger Setup

An exemplary TBHE is shown in Figure 3.2, including all relevant input parameters.
The tubes can be described by their inner diameter dj,,e;, their wall thickness ¢,
and their outer diameter dyuer. The general geometry of a tube bundle can be
characterized by the length of one tube passage [,, the number of passages per tube
n,, the number of tubes n; as well as the vertical and horizontal distance between
adjacent tubes SL and ST, respectively. The fins, used to increase the heat transfer
area, can be described by their fin thickness ¢4 and the corresponding fin density
FD,.

The vaporizer is assumed to be made of Inconel 625, a nickel-based alloy. The ne-
cessary material data can be found in [74]. The corresponding material temperature
is calculated as the average of both the inner and the outer tube walls. However,
no time-dependent data is available for the 1% creep resistance of Inconel 625. The

creep behavior is described for 10* and 10° hours in a material specification from
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Figure 3.2: Exemplary TBHE setup

another manufacturer [75]. However, the creep rupture strength is inconsistent with
[74]. The 1% creep resistance is calculated from the creep rupture mentioned in [74]
by using a conversion factor of 1.39 to keep the data consistent. The conversion

factor is derived from [75].

3.2 Structural Assessment of Failure Modes in Heat

Exchangers

This section discusses the structural assessment of the failure modes presented in
Section 2.4.9. Factors of safety are derived for both PFHE and TBHE heat exchanger
types. Section 3.2.1 provides an overview of the general modeling approach. Subse-

quently, the assessment methods for both types of heat exchangers are described.
3.2.1 Overview of the Proposed Methodology

The objective of this methodology is to evaluate the structural integrity of a given HX
geometry. The essential input data includes the pressure and wall temperature levels
along an exemplary flow path. These values are used to calculate stresses resulting
from pressure differences, weight, and temperature, which are then compared to

material data. Figure 3.3 provides a general overview of the calculation approach.
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Get input data

Calculate mass of
given geometry

yes Calculate thickness
Corrosion? >—— reduction due
to corrosion

no

Calculate static stress
occurring during
stationary flow

Calculate fatigue Calculate creep
based on conditions based on conditions
of static calculation of static calculation

Figure 3.3: Schematic overview of the proposed assessment methodology

Initially, the input data is utilized to determine the mass of the given geometry.
Depending on user input, the component thickness can be reduced to account for
corrosion. This adjusted thickness is then employed to calculate the static stress
during stationary flow, assuming the specified pressure and temperature levels as

input. Lastly, the methodology assesses fatigue and creep damage.

3.2.2 Mass Calculation of Plate-Fin Heat Exchanger

The mass of a PFHE can be calculated by calculating the respective volumes and
using the density of the material. The mass of the plates can be calculated by
Equation 3.2.

Myplates = Mpassages * lplate * Wplate * tplate * Pplate (32)
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As both passages can feature different fin densities, the mass of all fins features two
terms, as Equation 3.3 shows. The number of passages of each flow can be determined
by dividing the total number of passages, npassages by 2, assuming different flows in

the top and bottom passage.

npassages ) ]

2

ssages )

Npa
+ [(wplate . hQ . tﬁn&g) . (lplate . FD2 P 5

Meins :{[(lplate : hl : tﬁns,l) : (wplate : FDl :

] } * Pplate

The mass of the sidebars can be calculated according to Equation 3.4.

npassages )

2

npassages )

+ (wplate : h2 : 9

Mgidebars — 2. [(lplate : h'l . ] . tsidebar : pplate (34)

The total mass of a PFHE stack can be calculated by Equation 3.5.

MPpFHE = Mplates + Mfns + Msidebars (35)

3.2.3 Mass Calculation of Tube Bundle Heat Exchanger

The mass of a TBHE can be calculated similarly to the PFHE. All component
weights need to be added up. However, the calculation of the weight of the com-

ponents varies. The total mass of the tubes can be calculated by Equation 3.6.

dou er dinner
T ((25) = (

2 92 )2) : (np ' lp + lbends) "Nt * Pmaterial (36)

Miubes =

The additional length due to the bends, lpengs, can be calculated using Equation 3.7.

lbends =7-SL- (np — 1) (37)

As the TBHE features fins, their mass must also be calculated. The tubes pass
through the fins, leading to the fins having the shape of a perforated plate. The

mass of the fins can therefore be calculated following Equation 3.8.

dOu er
Mins = (B - wpe — 1y -1 - ( 2t )?) - (FDy - 1) -t - pye (3.8)
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The height, hy, and width, wy,, of the fins is derived using Equations 3.9 and 3.10,
respectively.

hyt=2-n,-SL (3.9)

wp = (ny+1)/2- ST (3.10)

The total mass then can be calculated using Equation 3.11.

MTBHE = Mtubes T Mfins (3.11)

3.2.4 Corrosion

After the mass calculation, the corrosive behavior of the material is assessed. A
metallurgical analysis showed different types of corrosion, including pitting and gal-
vanic corrosion. However, typically, the dominant corrosion behavior of a component
is not known in predesign. Therefore, all corrosion failure modes are summarized and
reduced to one method. The influence of constructive measures and protective layers
on the mass of a heat exchanger is hard to estimate. Therefore, for both PFHE and
the TBHE no protective layers or other constructive measures for avoiding corrosion
are assumed. An approach deriving a corrosion allowance is applied. It is the indus-
try standard and explained more thoroughly in Section 2.4.1.2. Due to the nature of
aero engines and their interrupted service (e.g., when the engine is shut down), the
corrosive loading is cyclic. However, as no reliable data on the time spans without
corrosive loading is known, a constant corrosion exposure is assumed. This leads to

a more conservative estimation than a cyclic corrosion exposure [33, 76].

Hence, a constant, uniform corrosion rate per flow is assumed for both heat exchanger
types. It acts for the required amount of lifetime, LT, on the surfaces in contact with
the specified flows. The corrosion allowance can then be calculated by Equation 2.1.
However, as we assess the corrosion behavior of a given geometry, the normally
to-be-added corrosion allowance is subtracted from the thickness on the respective
wall, leading to the remaining thicknesses after the LT. The heat exchanger has to

withstand all loads, even in this case. Furthermore, the heat exchanger is assumed
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to withstand all the occurring loads with the original, thicker walls as well. Using
the outlined approach yields new thicknesses of the plates and fins as well as new
inner and outer diameters of the tube. As both flows of each heat exchanger are
significantly different in terms of chemical composition and temperature, a corrosion
rate has been derived from the literature for each flow. These corrosion rates can
be further adjusted if component corrosion tests are conducted at a later design

stage.

3.2.4.1 Corrosion Rates in aluminum Plate-Fin Heat Exchanger

A heat-treated, 4 % SiC reinforced Al6061 specimen, commonly used in the aerospace
industry, showed a corrosion rate of approximately 0.3 mil per year [77]. Converting
this to SI units leads to 0.0762 mm/y.

Another study investigated the corrosion rate of an Al6061 specimen in simulated
acid rain with a pH value of 4.8. The corrosion rate was determined to be 0.068
mm/y. [78]

Both studies result in similar values. The goal of this thesis was to accurately assess
HX geometries. Therefore, instead of the more conservative, higher value, this thesis
uses the average value for the surfaces facing the hot flow. This leads to a corrosion
rate of the PFHE of 0.0721 mm/y. However, the influence of different corrosion rates

is further investigated in Section 4.2.1.

The behavior of solution-treated AI6061 in rainwater has been investigated. Solution
treatment is a heat treatment process involving heating the specimen and, subse-
quently, rapid cooling in a solution. During heating, precipitates are produced, which
remain in the solution after cooling. The study derives a corrosion rate of approxima-
tely 0.00135 mm/y. Treatment of the material can hence be a constructive measure

to decrease corrosion. [79]

The other surfaces face the cold bypass. Typically, corrosion can occur in the bypass

as well due to humid air or more corrosive atmospheric conditions. However, the
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corrosiveness is expected to be significantly lower than the hot flow. As a simplified

assumption, the corrosion rate is assumed to be zero.

3.2.4.2 Corrosion Rates in Tube Bundle Heat Exchanger

The TBHE is directly exposed to the exhaust gas. It contains multiple acid oxides,
like SO,, leading to a corrosive environment with pH-values between 3 and 6 [80].
Additionally, the temperature of the exhaust gas makes it prone to high-temperature
corrosion. In the latter case, salt contaminants like NaySO,4 damage the protective

surface oxides [81].

As the method to estimate the lifetime of a protective layer, as described in Section
2.4.1.2, relies on a lot of specific material data, which is not publicly available,
the simplified method of a corrosion allowance is applied. Both flows in the heat
exchanger are different. While the outer area of the tubes reacts with the exhaust
gas, the inner area interacts with the water vapor. Two different corrosion rates are
implemented to assess the total required corrosion allowance properly, one for each
flow. The respective corrosion allowance is subtracted from the surface reacting with
the set fluid.

However, literature on the corrosion rate of Inconel 625 in the exhaust gas and
water vapor is sparse. A laboratory test of Inconel 625 in 80 °C sulfuric acid of 15
weight percent resulted in a corrosion rate of 0.19 mm/y [82]. A heat exchanger in
a waste incineration plant operating with temperatures of 300 °C to 760 °C made of
Inconel 625 showed a corrosion of less than 0.05 mm after 300 hours of exposure [83].
This equals a corrosion rate of 1.46 mm/year. A study on Inconel 625 in a NaySOy,
V5,05 molten salt environment, as commonly found in supercritical, oil-fired power
generators, showed a corrosion rate of 0.135 mm/y at 700 °C at an exposure time of
120 h [84]. Corrosion rates of an Inconel 625 spray powder coating in a biomass-fired
boiler were found to be 0.008979 mm /year on average at 550 °C and 0.408 mm//year
at a temperature of 750 °C [85]. Another source derived a corrosion rate of Inconel
625 at 850 °C of 0.66 mm/year [86].
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The corrosion behavior of Inconel 625 was investigated at 800 and 900 °C in an
environment with 75 weight % Nay,SO,4 and 25 weight % K2SOy, which is typical
for coal combustion. A corrosive mass change, MCA, of the Inconel specimen of
3.5mg/cm? and 6.5mg/cm? at 800 and 900 °C, respectively, and an exposure time
exp. time of 120 hours has been experimentally derived [87]. Following Equation
3.12, the corrosion rates, C'R, are derived to be 0.3027 mm/y for 800 °C and 0.5622

mm/y for 900 °C. VA

CR = > exp. time (3.12)
Similar findings have been derived for Inconel 625 in supercritical water of a sewa-
ge plant, which processes wastewater with a high concentration of inorganic salts

leading to acidity at 500 °C. The corrosion rate is 0.1868 mm/year [88].

As the corrosion rates according to [87] and [88] are consistent with each other, they
are used in this thesis. The temperature varies throughout the design mission of the
engine. Therefore, the total acting corrosion rate varies as well. One corrosion rate is
derived based on a linear accumulation of the corrosion rates required for each flight
phase and their respective timeshare. The corrosion rates of the exhaust gas for each

temperature are exponentially interpolated between the three corrosion rates found
in [87] and [88].

The composition of the water vapor inside the tubes is yet to be investigated. As
the water is recovered from the exhaust gas mixture, it could include corrosive
components, which could condense as well. A more thorough investigation of the
resulting condensed medium is required. However, this is beyond the scope of this
thesis. Therefore, in this thesis, no corrosion is assumed from the water vapor in the

tubes. Hence, the corrosion rate is assumed to be zero.
High temperature oxidation of Inconel 625 is low with 0.01 mm/y at a temperature

of 982 °C [74]. As the operating temperature in the use case assumed in this thesis

is significantly lower, high-temperature oxidation will be neglected.
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3.2.5 Erosion

The erosion behavior is dependent on multiple input parameters. Some are known
in preliminary design, like the material, the temperature and the occurring flow ve-
locity. However, further parameters are unknown, including the impingement angle
as well as the erosive medium and its occurring duration. Furthermore, erosion leads
to a non-linear decrease in material thickness. No simple approximation has been
found in the literature. The accuracy of the erosion prediction strongly depends on
the assumptions for all the required parameters. A more thorough erosion investiga-
tion is required to derive dependable assumptions, e.g. by component erosion testing.
However, this is beyond the scope of this thesis. While erosion can lead to signifi-
cant decreases in material thickness, it can not be assessed using the methodology

developed in this thesis.
3.2.6 Strength (Static Stress)

3.2.6.1 Stresses in Plate-fin Heat Exchanger focused on one Flow Passage

The method described below focuses on plain fins on one side of the flow. PFHE with
no fins in both flows are rarely structurally integral due to the high bending stresses
of the unreinforced plate. On the other hand, a PFHE with fins on both sides is
difficult to structurally assess due to their more complex geometry and significant
interactions between both sides. Especially thermal stresses, which are difficult to
estimate, can lead to significant thermal stresses. In the case of the PFHE, the static
stresses on the PFHE consist of pressure, temperature, and weight stresses. All types

are superimposed. An exemplary PFHE passage is shown in Figure 3.4.

An easy, analytical solution is unfortunately not possible in this case. Using conven-
tional plate theory, as described in [89, p. 508] only applies to unsupported plates.
Here, the plates are supported by the fins. Methods used for sandwich plates with
corrugated cores, like the homogenization method, as described in [90], convert the
whole passage into one substitute plate. However, as the identical pressure gradient
acts equally on both sides, no plate stress would result on the plate. Furthermo-

re, [39] only offers design guidelines on reinforced, rectangular pressure containers
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Figure 3.4: Graphical representation of one passage with assumed deformation of
the plate (exaggerated for visualization)

or pressure containers separated by one single fin into two distinct cells. Both are
not the case here. Therefore, a more detailed analysis is required. The structure,
in general, is quite resistant to compression, assuming the fins do not buckle. This
yields the first potential damage source, namely buckling in the fins. Furthermore,
in case of a reverse pressure gradient, namely an overpressure on the finned side, the
fins experience tensile stresses. Another potential damage source can result from the
bending of the plate. The plate is assumed to bend due to the pressure as a whole as
well as between two fins, leading to bending stresses. The sidebars are assumed to
be significantly thicker and, therefore, yield no structural limitation. They are not
assessed here. However, they lead to clamped boundary conditions on all four edges
of the plate, as a cross-flow heat exchanger is assumed; thus, one sidebar is on every
side of the plate. Therefore, the following damage sources will be analyzed in more

detail below:

o Stresses in the plate due to bending, leading to yielding or rupturing of the

material

o Compression on the fins leads to buckling or tensile stress leads to deformation
of the fins

Plate Stresses In general, stresses in the plate are expected due to a shortening of

the fins in compression, leading to a bending in the plate, shown in yellow in Figure
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3.4. Additionally, bending occurs in each unit cell, leading to a second bending stress
acting on the plate, as shown in green. If the pressure gradient changes sign, the
bending stresses are assumed to be identical in magnitude and opposite in sign. For
ductile materials, like A16061 and Inconel 625, material properties can be assumed
to be identical in compression and tension with sufficient accuracy [91]. Therefore,

the calculation process does not change.

Bending Stress due to Shortening of the Fins The maximum deformation due
to the shortening of the fins in compression allows the calculation of the bending
stresses of the plate as a whole. According to Kirchhoff’s plate theory, the maximum
deflection is expected at the middle of the plate for the given clamped boundary
conditions. All fins are substituted by one bar in the plate’s center to estimate the
plate’s maximum deflection. This bar is under uniaxial compression, carrying the
pressure and weight load acting on one fin. The plate is loaded by the pressure gra-
dient and its weight. In the lower plate, the weight counteracts parts of the pressure
bending. However, as the weight of one plate and its fins is much smaller than the
pressure stress, this stress-reducing effect is neglected. The resulting substitute stress

per fin, Ogubst., fin, can be calculated with Equation 3.13.

- F pressure + F weight 1
Osubst., fin — A (3 3)
fin, passage

The area, Agy, passage; refers to the crosssectional area of all fins in one passage in

the plane perpendicular to the pressure, as seen in Equation 3.14.
Aﬁn, passage — FDz : lplate . tﬁn * Wplate (314)

FD, is the fin density of the passage analyzed, and wpate is the length in the flow

direction of the passage.

Foressure 18 the equivalent total pressure force acting on the plate. It can be calculated

according to Equation 3.15.

Fpressure = AP : lplate * Wplate (315)
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The weight force can be calculated by calculating the mass of one plate, mpjate, and
the mass of the fins of one passage, mg,. The masses can be calculated similarly to

Section 3.2.2, as shown in Equations 3.16 and 3.17.

Mplate = lplate * Wplate * Zfplate * Pplate (316)

mgn = lplate : hz : tﬁn,i * Wplate * FDZ * Pplate (317)

The weight from the passages above and below are assumed to be carried by the
sidebars and have thus no influence on the plate’s behavior. In this first assessment,
no loads due to maneuvers are assessed. Therefore, no load factor is introduced. The
load of each fin is assumed to be carried half by the plate above and half by the

plate below the fin. Feigns can then be calculated according to Equation 3.18.

Fweight - (mplate +0.5- mﬁn) g (318)

Applying basic mechanical knowledge, the displacement, dy,,,, can be calculated using

Equation 3.19.

0.5 - hgy
5bar = Osubst., fin E f (319)

Following Kirchhoft’s plate theory, the stress in the plate clamped at all ends can
be calculated using Equation 3.20. [89, p. 508]

g’
t2

plate

(3.20)

Omax,plate —

p1 is analytically derived for different ratios 1 < a/b < 2 and can be cubically
interpolated for values between 1 and 2 using Equation 3.21. For higher values,

51 = 0.5 can be assumed.

B =0.106 - (a/b)* — 0.683 - (a/b)* + 1.495 - (a/b) — 0.61 (3.21)
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a is the length of the long edge, and b is the length of the short edge. The maximum

deflection, Ymax = dpar can be calculated using Equation 3.22.
Ymax = o (3.22)

Like 31, v, is another coefficient analytically derived for different ratios 1 < a/b < 2.
Using values from [89, p. 508], it can be interpolated by Equation 3.23 for values
until 2. For higher values, a;, = 0.0284 holds.

a, = 0.005 - (a/b)* — 0.035 - (a/b)* + 0.084 - (a/b) — 0.04 (3.23)

Transforming Equations 3.20 and 3.22 and substituting ¢ into each other leads to
Equation 3.24. It calculates the maximum stress, 0max. bending, plate; i1 the plate due

to compression of the fins.

_51 : (5bar B tplate
b2 -

Omax. bending, plate = (324)
According to Kirchhoff’s plate theory, the maximum stress is expected at the center
of the long side [89, p. 508].

Bending Stress in Unit Cell The second stress adding to the bending stresses
due to the deformation of fins is the stress that occurs due to the bending of the
plate in the unit cell, called the plate segment hereafter. A unit cell here is defined
as one section limited by two fins right and left and the plate on top and bottom.
The dimensions of the plate segment are defined as 1/FD and wpate. Hence, the
plate segment is limited by the fins in one dimension and the sidebars in the other
dimension. All edges of the plate segment are assumed to be clamped, as they are
typically connected by brazes. Similar to the procedure above, the maximum bending
stress in the plate segment occurs due to a combination of weight and pressure
differences. However, only the weight of the plate segment is taken into account here.
The loading is distributed equally across the whole plate. Therefore, the uniform

load, qioaq, is defined as

(Mplate + 0.5 - Main) - g

Qload = Ap + (325)

lplate * Wplate
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Applying the dimensions of the plate segment and Equations 3.20 and 3.21, the ma-
ximum stress of the plate segment, omax, plate segment Can be calculated. It is supposed

to act at the center of the long side of the plate segment.

The maximum stress of both the bending of a plate segment and of the plate as a
whole occurs at the center of the long side. For a unit cell close to the sidebar, both
maximum stresses can occur at the same location if the plate segment is limited
by the sidebar and a fin. No apparent conversion factor can be derived for other
configurations. For conservatism, both maximum stresses are therefore assumed to

act at the same position independent of the geometry.

Temperature Stress in Plate The last component of the stress calculation in the
plate is the temperature stress occurring due to a difference in wall temperature
between the inner fin region and the outer unfinned region. In this thesis, only
temperature gradients through the thickness of the plate are investigated. In reality,
the temperature in flow direction varies, leading to a 2-dimensional temperature field

on the plate.

For a flat plate with all edges fixed, the maximum resulting bending stress due to a
linear temperature gradient between both faces of the plate can be calculated using
Equation 3.26 [89, p. 760].

%*AT-@-E

1—v

(3.26)

Oplate, T, max —

AT is the temperature difference between both faces, o the temperature expansion
coefficient, F the elastic modulus and v the Poisson’s ratio. As temperature stresses
occur due to restricted elongation, the maximum temperature stress acts at the
location that is constrained the most: this is the connection of the plates to the
sidebars, as the sidebars are assumed to be significantly thicker than the fins. The
bending stress acts in compression on the hot face and in tension on the cold face
of the wall. As each plate features a hot and a cold face, the temperature stress acts
in the same direction as the bending stresses, either at the hot or at the cold face.

Hence, the total superimposed stress is increased.
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Total Stress in Plate The total stress in the plate can be calculated by superim-

posing all stresses:

Oplate, max — Omax. bending, plate + Omax, plate segment + Oplate,T ,max (327)

This stress is compared to the yield strength, og and UTS of the material, allo-

p0,27

wing the calculation of factors of safety.

Buckling In the example shown in Figure 3.4, the fins are loaded in compression.

Therefore, fin buckling has to be investigated.

This thesis focuses on plain fins. One fin is characterized by the fin length wpjate the
fin height hg, and the fin thickness tg,. The flow length wpiate is much greater than
the height of a flow channel hg,. Analytical solutions for the critical buckling stress
o of a plate clamped at all edges typically follow the form described in Equation

3.28 [89, p. 730].

E t late
— s ( pbt )2 (3.28)

The buckling coefficient, K, for a plate clamped at all edges, similar to the fins, is

Oor = K %

0
where the compressive load acts. However, typically in PFHE with plain fins the

only defined for ¢ >= 1, with a being the longer side and b being the shorter side,
compressive load acts on the long side, which would lead to § < 1. As no coefficient
K is given for these values, the fins are assumed to act as a bar under biaxial
compression fixed on both ends. The critical buckling force F,. can be calculated
using Equation 3.29 [89, p. 718].

s Ex
The buckling coefficient, K, is four in this case. Ijjate is the minimum area moment

of inertia resisting the buckling.

Iotate = min((hpin * t:}m) J12; (b3, * tpin) /12 (3.30)
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The resulting critical buckling force F,.; can then be compared to the occurring
force on one fin, Fti;, = Osubst., fin * t fin * Wplate With Ogubst. sn derived from Equation

3.13.

Plastic Deformation of Fins under Tension If the pressure difference acts in the
opposite direction than shown in Figure 3.4, the fins are under tension. Therefore,

the occurrence of plastic deformation under tension has to be investigated.

The maximum displacement of the fins has been derived in Section 3.2.6.1. However,
this elongation reflects only the upper or lower side of the passage, as it is the
deformation caused by the pressure gradient acting on one plate. The maximum
elongation has to be doubled to account for the elongation on both sides. Its related
strain, €mn, max can be calculated using Equation 3.31.

2- 5bar
n, max — 31
€q , hﬁn (3 3 )

No plastic deformation is allowed, as it would induce persisting changes in the geome-
try as well as alternate material properties, which are difficult to predict. Therefore,
the resulting strain is then compared to the strain at yielding, €yieiq, which can be
calculated using Equation 3.32, following Hooke’s Law, as it is valid for the elastic
region.

ORp 0.2

Cyield = (3.32)

By comparing both € values, the factor of safety against plastic deformation of the

fins can be derived.

3.2.6.2 Stresses in Plate-Fin Heat Exchanger using Homogenization Method

A second approach involves focusing on the PFHE structure as a whole. The ap-
proach is outlined in Figure 3.5. It assumes the substitution of the finned flow pas-
sages by plates with orthotropic, equivalent properties. These properties can be
derived using analytical formulas. Then, after conducting a simplified FEM analysis

with the substitute model, magnification factors are used to derive the local stresses
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Equali : Key: : .
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Figure 3.5: Homogenization method, as explained in [11], from [12].

from the stresses derived by the substitute model. [11] The equivalent properties

can be calculated, as described in [11]. The respective coordinate systems need to

be treated carefully when utilizing a cross-flow heat exchanger. To keep consistency

in one global coordinate system, the respective parameters need to be converted ac-

cording to Figure 3.6. A parameter Py /p; denotes a parameter in the local direction

d or global direction D of flow i.

The local coordinate system of flow one is not rotated compared to the global coor-

dinate system. Therefore, Pp1 = Py;.

z

)

Z4

Y1

X1

Z4

Y1

X4

Figure 3.6: Local and global coordinate systems in different flows.
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In flow two, the local coordinate system is rotated by 90 °around the Z-axis. There-

fore,

Pxo=P,s (3.33)
Pys=P.o (3.34)
Pzo=P,, (3.35)
Pxya = Ppyo (3.36)
Pxzo=P,.» (3.37)
Pyzo=Pp.o (3.38)

holds. Using the equations derived in [11] and stated in [12], substitute material

properties for an equivalent, homogenized model are derived.

The homogenization method can be utilized to simplify FEM analyses, e.g. for ve-

rification purposes. However, it is not further used within this thesis.

3.2.6.3 Tube Bundle Heat Exchanger

The strength of the tubes against static load conditions due to steady flow can be
calculated using three different methods. One method uses empirical formulas to
calculate the required wall thickness due to a pressure load and the resulting stress
in the tube due to temperature and pressure stresses. It follows the industry norm
DIN EN 13445-3, as described in [56]. A second method employs an adaption made
by Lame to the vessel formula of thin vessels. It is validated against a FEM analysis
and described in [92]. Grieb ([20]) presents a third method to estimate the occurring

stresses in a heat exchanger similar to the one described in Figure 2.7.

Calculation of Static Stress according to DIN EN 13445-3 The DIN EN 13445-3
defines construction guidelines for unfired pressure vessels made of steel. Additional

requirements for pressure vessels made of aluminum are described in [93].
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Stress Intensification Factor due to Bends The following calculation refers to
straight, thin-walled cylindrical unfired pressure vessels. However, in our case, the
tubes are bent at both ends. Bends usually increase the stresses occurring in the
tube. A stress intensification factor is introduced. It utilizes equations from DIN
EN 13380, which is used for metallic industrial piping. [94, pp.257-259] The stress

intensification factor of a tube bend, k; can be calculated using Equation 3.39.

_ 09

ki = —
ki;

(3.39)

ky, is the form factor of the bend. It depends on geometric properties and can be

calculated with Equation 3.40.

4-SL -t

k pu—
" ((dinner + douter) /2)2

(3.40)

Depending on the bend radius, inner diameter, and tube thickness, the stress in-
tensification factor calculated using the equations above can sometimes fall below
1 for a given configuration. This implies that a curved tube may experience lower
stresses than a straight tube, which is not realistic and is likely a consequence of the
simplified form of the equation. Stress intensification factors below 1 are particular-
ly observed for combinations of small inner diameters, large thicknesses, and large
bend radii. In such cases, the stress distribution is likely to be more uniform and

comparable to that of a straight tube.

For a straight tube, the stress intensification factor is always assumed to be k; = 1,
regardless of the geometry. TBHE typically incorporate both straight and curved
tubes. Therefore, even if a bend would result in lower stresses than a straight tube,
the stress intensification factor is assumed to be at least 1 in all cases.

The derived stress intensification factor is applied to all stresses.

Stresses due to Pressure The required wall thickness of a straight cylinder,

Lt required, straight, du€ to an inner overpressure, can be calculated using Equation 3.41.
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The equation is valid for % < 1.7. In a heat exchanger, thin wall thicknesses are
expected, and therefore, dexer <1.7 should always hold. [56]

p- doutev"
L4 required, strai = 3.41
t,req d, straight 2fdkz+Ap ( )
Applying the previously derived stress intensification factor, k;, yields
: dou er
P Qout (3.42)

tt,required, bend — ko -9. fd 2+ k- Ap

Ap results from the pressure difference between both flows inside and outside the
tube. k, is a welding factor accounting for the weakening of the tube. It depends
on the inspectionability of the component. In this thesis, the tubes are assumed to
be testing group 3, meaning the material can be tested non-destructively [95]. This
yields a welding factor, z, of 0.85. f; represents the usable design conditions of the
material. Inconel 625 is an austenitic steel with a minimum fracture elongation of
30 %. Therefore, fq can be calculated using Equation 3.43 [56].

Rp,l.O/T

Jo=—T5

(3.43)

As literature data for Inconel 625 only provides the temperature-dependent yield
strength (indicated by a T) at 0.5 % plastic elongation R, o5/, it is used instead.

This yields slightly more conservative results.

The resulting required thickness in the bends is compared to the actual thickness to
derive the factor of safety against tube bursting due to the pressure. This gives an
initial assessment of the tube. However, typically temperature stresses occur as well.
Furthermore, the tube should not deform plastically. Therefore, a more thorough
assessment is required, leading to factors of safety due to combined temperature and
pressure stresses against yielding and rupture. While the above-explained calculation
method provides a first estimation, the more thorough calculation method presented

below is used in this thesis.

Combined Temperature and Pressure Stresses Additional stresses due to the
temperature difference between the inside and outside of the tube occur. These

stresses can be characterized by Equation 3.44 [56], inner indicating the stress at the
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inner wall and outer the stress at the outer wall. a describes the thermal expansion
coefficient of the material. The temperature difference between the outer and the

inner wall is defined as Tyuter — Tinner- V 1S the Poisson’s ratio.

E 3 dou er dinner
JTinne'r = g * * (TOUteT‘ - ﬂnner) * i i +
2 I—v 2 % (douter + dinner) (3 44)
«Q % E % (T T ) " douter + 3 * dinner )
o = 5 outer — Linner
fouter 2 l—v ' 2 % (douter + dinner)

The maximum static stress combining thermal and pressure stresses can be calcula-
ted using Equation 3.45 [56]. It is the maximum of both the stress at the inner wall

as well as at the outer wall.

o p * (douter + tt) P * (douter - 3 * tt)
Omax = max [( +or,. ), ( 23+7,

3.45
23 * tt nner + O-Touter)] ( )

Applying the stress intensification factor, k;, to the maximum static stress of the
tube and comparing it to yield and ultimate tensile strength yields the factors of
safety according to DIN EN 13445.

Calculation of Static Stress according to Lames Vessel Formula In a second
approach, the pressure and temperature stresses are also superimposed. However,
an explicit analytic formula for the pressure stress is used. The resulting equivalent
stress is derived using either the Tresca criterion or the von Mises criterion. The
maximum stress occurs at the inner wall of the tube. The equations stated beneath

are validated against a FEM analysis. [92]

The following Equations 3.46 and 3.47 describe the pressure loading of a thin, high-
pressure heater tube at a radius r in the wall in the circumferential and radial
direction, respectively [92]. For better readability, in this section the indices ¢ and o
refer to the inner and outer walls of the tube, respectively.

_pi*rf—po*rg (pi — po) x T2 %12

09 p(r) = + (3.46)

r2 —r? (r2 —r2)xr?

%

o_

k2 — P 2 L 2 4 2
_ DixT Po* Ty (Pi — Do) * 17 %1, (3.47)

7o) = T GEETE
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Equations 3.48 and 3.49 describe the temperature stress at a radius r in the wall in

the circumferential and radial direction, respectively.

Exax(T,—T,) 2 T To r
o) = IS (T e e (D) 1) )
= Brox o —T) o Ty —m ) (349)
UT7T )= 2*1H(%) 7"2—7"2-2 , n r n r .

A temperature field in the axial direction is expected, as well. However, its shape and
magnitude are unknown. Furthermore, the shape of the tubes, featuring a U-bend
at the end, allows them to elongate more freely in the axial direction if there is no
intermediate clamping in the straight tube parts. Therefore, in the first assessment,
no axial temperature stresses are assumed. Hence, the stress in the axial direction

is assumed to be 0; o, = 0.

Next, the stresses in both circumferential and radial directions are superimposed.

Principal stresses can be derived using Equations 3.50, 3.51 and 3.52 [92].

o1(r) = og(r) = o9 p(r) + ogr(r) (3.50)
Oy =0, (3.51)
os(r) = 0.(r) = 0,,(r) + or7(1) (3.52)

The resulting, equivalent stress state can be calculated using the Tresca-criterion

according to Equation 3.53.
UTrcsca(T) =01 (T) - 03(T) (353)

The Tresca criterion is generally regarded as more conservative than the von Mises

equivalent stress [96]. However, the von Mises criterion is more applicable to ductile
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material, which is used in this thesis [97, p. 74f.] Therefore, the von Mises equivalent

stress is computed as well, following Equation 3.54.

O Mises (71) =

R L R

The stress intensification factor, k;, is applied to the maximum stress for all radii r:

O Mises/ Tresca, bend(r) - k:z : UMises/TYesca(T) (355>

It is then compared to the material properties, like the yield strength and UTS, to

derive the factors of safety.

Calculation of Static Stress according to Grieb Furthermore, the maximum
stress of the heat exchanger described in [5] can be calculated by Equation 3.56.
20]

Omax = 8.5 % Ap (3.56)

Ap is the pressure gradient acting on the tube.
3.2.7 Low Cycle Fatigue (LCF)

The calculation methods proposed in [39] are valid for pressure vessels operated in
the elastoplastic regime, as in this thesis. Maximum occurring stresses are below the
yield strength of the material. As creep is not considered in the fatigue calculation
method, creep-fatigue interaction will be investigated later. The structural assess-
ment for fatigue follows multiple steps, as described in [98]. First, the acting stresses
need to be defined. Then, the fatigue strength of the geometry can be derived from
the Wohler-Diagram. Finally, it is compared to the acting stresses, and a safety

factor is calculated.
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3.2.7.1 Definition of Acting Stress

To assess LCF, the mission profile, including its different load cases, needs to be
modeled. Usually, this data is derived from actual missions. However, as no detailed
knowledge of the mission profile exists yet, it is simplified in this thesis. Each flight
mission consists of the relevant mission points. These include MTO, the maximum-
climb condition (MCL), and the cruise condition. Figure 3.7 shows exemplary missi-
on profiles of the PFHE and the TBHE.

— Zero condition — Zero condition
— MTO condition — MTO condition
— MCL condition — MCL condition
Cruise condition Cruise condition
<] o
? @
time t time t
a) PFHE mission profile b) TBHE mission profile

Figure 3.7: Exemplary mission profile of both heat exchangers with the relevant
mission points

As can be seen, the mission point of maximum stress differs between both heat
exchanger types. However, both mission profiles show one clear stress peak without
intermediate cycles. Therefore, one cycle is defined as the difference between zero
loading and maximum stress mission points. For the PFHE, this mission point is the
MCL condition, while for the TBHE it is the MTO condition. The differences result
from different pressure gradients at different mission points during the operation of

both heat exchanger types.

As only stationary data is available during the preliminary design stage, transient
behavior is estimated by using a correction factor of 1.1. This is consistent with [5],
which found an increase of the maximum stationary stress by 10 % during transient

behavior.
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Every cycle is described by its mean stress o,,, and its stress amplitude, o,, as seen

in Figure 3.8. For LCF, Table 3.1 shows the respective acting stresses.

A

Applied stress (o)

Time

Figure 3.8: Cycle showing mean stress and stress amplitude, from [13]

HX type Omin Omazx Omean Oamp

PFHE 0 OMCL UM% UM%

TBHE 0 ompo JMIe 2uro

Table 3.1: Description of LCF cycle

The material data typically involves tests with zero mean stress, meaning the stress
amplitude is applied alternatingly in tension and compression. However, in our missi-
on parameters, the mean stress is not zero. Therefore, a conversion needs to be
applied. However, this formula assumes zero mean stress. In practice, often, an am-
plitude acts on top of a non-zero mean stress. Using the Goodman linear model, as
explained in Section 2.4.5.2, the load condition can be transposed to a zero mean
stress load by Equation 3.57. [64]

_ Oacting (3'57>

O acting, zero-mean o
— m
(1- &)

3.2.7.2 Stress-Life Curve

When using the stress-life method, the allowable stress, a material property, must
be derived.
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Plate-Fin Heat Exchanger Fatigue properties of aluminum 6061-T6 have been
derived from the resulting hyperbolic allowable stress amplitude curve presented in
[64] and shown in Equation 3.59. It involves interpolated measurement values for
zero mean stress without any knockoff factors. A temperature correction factor kp
according to [73] is used to adjust these values for the elevated temperature levels
between 0 and 200 °C. It is described in Equation 3.58 with the temperature 7" in
°C as input.

kr=1-12-10"%- (T — 50) (3.58)

14479000000
Oallow., zero-mean — k’T N k‘T . (T + 96500000) (359)

Transforming Equation 3.59 allows the determination of the maximum allowable

number of cycles for a given zero-mean stress Gaiiow., zero-mean-

2
14479000000
N=|3 3.60
( allow.,];;ro—mean _ 96500000) ( )

To derive the number of allowable cycles for a given load condition NNV}, oaiiow., zero-mean
is set equal to Tacting, zero-mean- The number of cycles becomes negative for zero mean
stresses lower than 96.5 MPa. This stems from the fatigue data approximation used
in [64]. Here, 96.5 MPa is assumed to be the stress at the endurance limit. No further
reduction in fatigue strength is expected after the endurance limit. Especially for
aluminum, however, this is not the case. Aluminum features a face-centered cubic
crystal structure, allowing greater slip systems compared to the body-centered cubic
structure of many steels. However, for simplification, the convention of an endurance
limit used for many steels is applied. The resulting number of cycles is set to the

endurance limit in case of a zero mean stress below 96.5 MPa to be conservative.

Tube Bundle Heat Exchanger Data for the TBHE can be found in [74]. A linear

interpolation is applied to obtain the fatigue behavior at the acting temperature.
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3.2.7.3 Derivation of Total Damage

The damage can be derived by comparing the allowable number of cycles, N, to the

occurring number of cycles, neycles, as shown in Equation 3.61.

nC cles
Dicr = yTl (3.61)

Equation 3.61 assumes only one load peak per cycle (MCL and MTO, respectively).
If another load peak exists, e.g., if the occurring loads during thrust reverse are
accounted for and they would be higher than the load during the cruise, the damage
can be assessed using Miner’s linear damage rule. However, in this thesis, only one

load peak is expected.
3.2.8 High Cycle Fatigue (HCF)

The Eigenmodes of the respective components are required to properly assess HCF.
However, they are typically unknown in the preliminary design stage. Therefore, a
simplified approach is used. The design goal for components, where HCF is expected,
is the endurance of the respective components. This thesis applies a lump sum
alternating stress to the mean stress. In this case, the mean stress and alternating
stress can be described by Equations 3.62 and 3.63 with o, being an estimation of

the occurring stresses due to, e.g., flow instabilities or vibrations.

Om = Ocruise (362)

0, = 0, (3.63)

The stress occurring during the cruise is used as a baseline, as it accounts for the

longest timeshare.

Typical values of stress amplitude due to oscillations in a gas turbine blade are
50-100 MPa [99, p.11]. The resulting stress amplitude depends significantly on the
geometry as well as the acting flow. However, as no other data is currently available,
a stress amplitude of 50 MPa is assumed as a first estimation. The influence of

different stress amplitudes is further investigated in Section 4.2.5.
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The resulting load condition of o,, and ¢, corresponds to a point in the Goodman

diagram, as shown by the cross in Figure 3.9.

Alternating
Stress

Factor of Safety:
Ratio of Green versus lines

e

v,
,/4//////////,, ~<_ -

ression Tension Oyt m

Ultimate Strength

Figure 3.9: Modified Goodman-Haigh diagram for infinite life, from [14]

Besides the shown Goodman-line, a second line is created by connecting the yield
strength points on the mean stress and the alternating stress axis. This line is most-
ly relevant to avoid yielding at low stress amplitudes and high mean stresses. To
calculate the safety factor, the distance to the point of the load condition, shown in
magenta, is compared to the minimum distance from the origin to either the Good-
man line or to the yield envelope, as shown in green. It represents the limiting line to
failure before reaching the endurance limit. Dividing both yields the factor of safety

HCF.

3.2.9 Creep

Creep occurs at higher temperatures T', where T" > 0.3 % T,,; with T},; being the
absolute melting temperature [100, p. 391]. Table 3.2 provides an overview of the
materials assumed in this thesis and the corresponding minimum temperatures for

creeping to occur.
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HX type Material Melting point region 7}, 0.3 % T,
PFHE Al6061-T6 582 - 651.7 °C [72] 174,6 - 195.51 °C
TBHE Inconel 625 1290 - 1350 °C [74] 387 - 405 °C

Table 3.2: Melting temperature and critical temperature for the occurrence of cree-
ping of both HXs

As the PFHE’s main task in the WET concept application example is the conden-
sation of the fluid, maximum temperatures are assumed to stay around the boiling
temperature of the water. The boiling temperature decreases with decreasing pres-
sure and hence increasing altitude. Therefore, maximum temperatures are assumed
to be around 100 °C, which is well below 174.6 °C. Therefore, no significant creep is

expected in the condenser.

In the TBHE, temperatures are significantly higher due to its task to superheat
the vapor. Therefore, creep is expected to occur, and a more thorough analysis is

necessary.

The following assessment procedure follows common industry standard DIN EN
13445 [39]. It specifies two methods: one, where one load case is assumed throughout
the whole lifetime, and another, which adds different load cases together. The latter
assessment method is chosen because temperature and pressure levels can change
significantly during the flight. Therefore, each mission point is assessed separately

and then combined.

This approach first requires a definition of flight phases, including the acting stresses,

fj, temperatures, 7}, and the time spent for each flight phase, ¢;.

The occurring stresses at a given wall thickness are calculated at all different load
cases. From these stresses, the time until creep rupture, as well as the time until
reaching the 1 % elongation limit, are calculated. These periods are compared to the
time spans allowable by the material and linearly summed up. The result indicates

if the wall thickness needs to be higher, is sufficient, or may be reduced.
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3.2.9.1 Definition of Nominal Stress

Assuming we cannot sufficiently monitor the remaining lifetime, as we do not want
to continuously inspect the HXs due to cost, the nominal stress allowed by the
material, f, can be described by Equation 3.64 [39].

. R,
f = min fnc,j; %; Rpl,O/T/t (364)

fne,j is the allowable stress of a given load case j based on the time-independent
material properties. It is described as the maximum of the design condition f4, as
described in Section 3.2.6.3, or a different design condition based on chosen safety

factors.

3.2.9.2 Determination of Creep Rupture Strength and Yield Limit

Subsequently, the creep rupture strength, R, 7/, and the yield limit R o/7/; at a
given temperature and duration must be calculated. Data is provided as mean data
of multiple tests. As no continuous values for the creep behavior of Inconel 625 are
provided in the literature, the available values are interpolated. The actual acting
temperature and the time periods usually differ from values found in the literature.
Therefore, an interpolation is required for both temperature and time span. Two

methods are commonly mentioned in literature for this.

The first method, described in [39], interpolates the values towards the occurring
temperature first. The derived values will then be interpolated towards the cor-
rect time span. Here, two distinct calculation steps are required. For a temperature
difference between available information on creep behavior, T} /2, and the real tem-
perature occurring, T, Equations 3.65 and 3.66 can be used [39]. Indices 1 and 2

indicate the next lower and higher available data point.

Ry, \ 7"
RT/t = RTl/t * <RT2/t> (365)
T/t
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with
~ log(T) — log(T})

T =
f lOg(Tz)—ZOQ(Tl)

(3.66)

A second method for estimating the creep rupture strength involves using the so-
called Larson-Miller Parameter, LM P. As seen in Equation 3.67, it simplifies the in-

terpolation by combining temperature and time span into one parameter, the LM P.

LMP =T « (log(t) + C) (3.67)

C' is the material-specific Larson-Miller constant. For Inconel 625, C'is 27.3. [101]

Both methods are valid in our use case. However, as the material data for Inconel 625
found in the literature would not lead to a good representation of the LM P-curve,
the first method, according to DIN EN 13445, is used.

Now, the actual acting stress of each load case, f;, is compared to the nominal stress
of each load case, f. If it is larger in any of the load cases, the wall thickness must
be increased. If the wall thickness is large enough, the resulting time until creep

rupture and the time until reaching a 1% elongation can be calculated.

3.2.9.3 Time until Creep Rupture and reaching the Yield Limit

As mentioned, the creep curve is only given for certain combinations of nominal
stresses and temperature. Therefore, a second interpolation is applied to determine
the maximum time until creep rupture and until reaching the yield limit. For each
load case, f;, at a given temperature 7}, the time until creep rupture, ¢z s, 1, can be
calculated with Equation 3.68. [39]

t
tRfim = tax (tj)YR (3.68)
A

with Yx being the interpolation factor, defined by Equation 3.69.

_ log(fi) — log(fr.)
; log(fR,tB) - log(fR,tA)

(3.69)
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A and B with their respective lifetimes and nominal stress indicate the nearest,
given values from material data compared to the actual, acting stress of each load
case, which satisfy Equation 3.70. [39]

TRty < [i < fRip (3.70)

Suppose the occurring stress of the load case, f;, corresponds to a stress value for
which no creep time is defined in the material data, i.e., the occurring stress is lower
than the lowest stress for which a creep time is given. In that case, an alternative
approach based on a third interpolation has to be used. The creep time is then
defined by Equation 3.71.

ty
tR,fj, mm( t YR,2 tb> (371)

a
t, and t, refer to the two last creep times, for which data is given in the material
data. The method mentioned above is also used to calculate the time until the yield

limit is reached. Instead of the rupture strength, the yield limit is used.

For each load case f;, the time until damage tp , 7, is defined as the smaller value

of both time until creep rupture and time until reaching the yield limit.

3.2.9.4 Assessment of Total Creep Damage

Finally, the damage is linearly accumulated to see if the structure withstands all
acting creep loads. Following Equation 3.72, values smaller than one indicate that
the structure withstands all occurring creep damage, and hence, the wall thickness
may be reduced and the procedure iterated. A value higher than one, however,
indicates failure before the end of the lifetime is reached. The wall thickness must

be increased, and the procedure must be repeated. [39]

an (3.72)

ij7
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3.2.9.5 Different Interpolation Techniques

As mentioned above, DIN EN 13445 uses a logarithmic interpolation approach. All
methods are implemented in NPSS in this thesis. However, NPSS does not natively
offer a logarithmic interpolation approach for tabular data. Therefore, linear interpo-
lation is used. The error between the values from logarithmic and linear interpolation
depends on the proximity of measurement points to each other. As data for Inconel
625 is provided in a continuous diagram, the error can be kept low. In this thesis,
the discretization step corresponds to the distance between following logarithmic
entries (e.g., 1 to 2 or 10 to 20). The maximum error between logarithmic and linear

interpolation is 1.3 %.

3.2.9.6 Creep-Fatigue Interaction

As described in Section 3.2.9, creep is expected to occur in the considered TBHE,
but not in the PFHE. Therefore, a closer look into the creep-fatigue interaction of
TBHE is required to ensure structural integrity. As no data on the creep-fatigue
interaction of Inconel 625 is available, a substitute is needed. In this thesis, Inconel
617 is chosen. Out of the available data, it is the most similar compared to Inconel

625. Equation 3.73 describes the total damage, derived from Figure 3.10 [67].
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Figure 3.10: Creep-fatigue interaction for different materials [15]
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This chapter presents results obtained using the methods described in Chapter 3.
To verify these methods, Section 4.1 compares the results with those found in the
literature, with industry data or FEM analyses. However, due to a lack of examples,
some methods could not be verified. In these cases, sensitivity studies were conducted
to assess the impact of uncertainties, as presented in Section 4.2. Once the accuracy
of the methodology is assessed, Section 4.3 investigates the influence of different
operating conditions on the factors of safety of the different failure modes. The
design driving failure modes for both types of heat exchangers are derived. The

impact of changing geometrical parameters is discussed in Chapter 5.

4.1 Verification

4.1.1 Corrosion

The design methodology used in this thesis is common practice in norms. Table
4.1 gives an overview of calculated as well as typical, industry-norm applied lump
sum corrosion allowances. The lifetime of the component, and hence the time the
material is exposed to the corrosive medium, significantly influences the calculated
corrosion allowance. In order to facilitate comparison with industry data, both the
calculated corrosion allowance and the industry values need to be referenced to
the same lifetime. In Table 4.1, a reference lifetime of one year has been chosen.
Therefore, the corrosion allowances presented are recommended values for a one-

year lifetime.

Component Calculated additional thickness Typical corrosion allowance

Plate 0.144 mm none [46]
Tube 0.184 mm 0.1 mm [44, 102]

Table 4.1: Comparison of the corrosion allowance calculated in this thesis and typical
industry values for identical reference lifetime of one year.
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Differences between both types of corrosion allowances, as seen in Table 4.1, can
occur. As mentioned in Section 2.4.1.2, corrosion allowances are typically not app-
lied to PFHE. Furthermore, industry norms only provide corrosion allowances for
broader application ranges and do not specify them for specific operating conditions.
Therefore, industry-norm corrosion allowances are only a rough estimate. Whilst pro-
viding a first estimation, standard corrosion allowances should only be used ,,unless
the conditions of service make a different allowance more suitable“ ([44, p. 5.1-2]).
The exhaust gas mixture can be a more severe condition of service, explaining the

overestimation of the corrosion allowance using the method derived in this thesis.

Further verification of the corrosion method can be done by component corrosion
testing. However, this is outside of the scope of this thesis. The results from the
corrosion testing can be used to adjust the corrosion rate and hence the corrosion

allowance. This allows a calibration of the method.

4.1.2 Static Stress

4.1.2.1 Plate-Fin Heat Exchanger

The methods developed in this thesis focus on the design of PFHE with fins in one
flow channel and no fins in the second flow channel. However, literature on the stress
estimation of PFHE only focuses on heat exchangers with fins in both flow channels.
A FEM analysis of one unit cell in a parallel low PFHE, which is equally finned in
both flow passages, has been conducted in [103] and [104]. However, as the structural
characteristics are different to a PFHE with no fins in the second flow channel, these

analyses cannot be used as verification data.

Since no comparable data is available in the literature to fully verify the static
stress calculation methodology of the PFHE, the accuracy of each step is assessed
independently. The first step involves deriving a substitute load acting on the fins.
In the second step, the length change of a fin, assumed as a bar, under the previously
derived load is calculated. The third step determines the resulting stresses in a plate
with a maximum deflection equal to the length change of a fin, as calculated in the

previous step.
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The derivation of the substitute load on the fins cannot be verified due to the lack of
available literature data. Additionally, conducting experimental tests or performing
FEM analyses to validate the methodology is beyond the scope of this thesis. To
understand the consequences of this uncertainty, the effect of a changing plate stress
has been investigated. It is presented in Section 4.2.2.

The following paragraphs aim to verify the second and third steps.

Length Change of a Fin, assumed as a Bar Using the stress-strain curves of
Al6061-T6 presented in [105], different combinations of stress and strain are deri-
ved. Assuming a substitute load equal to the stress from the stress-strain diagram as
an input, different length changes are calculated according to the presented metho-
dology. Based on these length changes, strains are derived and compared to the strain
values from the stress-strain curve corresponding to the relevant stresses. Table 4.2

gives an overview of the results.

Stress  Strain from [105] Calculated strain

50 MPa 0.06 % 0.08 %
100 MPa 0.14 % 0.16 %
150 MPa 0.23 % 0.24 %
200 MPa 0.31 % 0.32 %
250 MPa 0.40 % 0.40 %

Table 4.2: Comparison between values from the stress-strain curve and the results
obtained by the tool used in this thesis.

Differences can be explained by the used material data. The E-Modulus used in this
thesis is approximately 62.99 GPa at the investigated temperature. The E-Modulus
of the compared data differs significantly from it. It equals to 59.49 GPa [105]. A
higher E-Modulus leads to a lower strain for a given stress, according to Hooke’s
law. Nevertheless, the strains and, therefore, the calculated length changes of the

bar are in good accordance with the data for a similar E-Modulus found in [105].

Stress resulting from Maximum Deflection of Plate Using the derived length
change as the maximum deflection of the plate, a substitute stress is derived accor-

ding to Kirchhoft’s plate theory. This stress is then applied to the plate. It should
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lead to an identical deflection of the plate. Figure 4.1 shows the results of a FEM
analysis modeling the plate using shell elements, which is justified by its small thick-

ness. It is loaded with the substitute stress.

Contour Plot
Displacement{Mag)
Analysis system

a) Deflection of a plate for the given load situation in mm.

Contour Plot
Element Stresses (2D & 3D)(Absolute Max Principal, Ma
Elemental system

b) Derived stress of the deflected plate in Pa.

Figure 4.1: Results of a FEM analysis of a plate.

The tool underestimates the length change by approximately 10 %. These differences
can occur due to the interpolation of the displacement differential equations by the
constant factors o and ;. The resulting stresses are overestimated by the tool by
approximately 3 %. These minor differences are assumed to be acceptable during

preliminary design.

In general, the method developed in this thesis shows good accordance with a sim-
plified FEM analysis, assuming that the method to derive the maximum deflection

of the plate by calculating the length change of a fin is correct. A FEM analysis of
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the complete structure including the fins is beyond the scope of this thesis. It could

be used to verify the complete method, including all steps.

Buckling The buckling calculation method assumes the fins to act like a bar, con-
sistent with the assumptions made for the stress calculation. The fins are joined to
the bar, e.g. by brazing. They are therefore assumed to be clamped to the plate. The
accuracy of the equations for the critical Euler force of bars and plates with different
boundary conditions has been investigated and validated extensively (e.g. in [106]).
A full FEM analysis is beyond the scope of this thesis. Therefore, this section focuses
on comparing the buckling behavior of rectangular plates with different boundary

conditions to the characteristic of a clamped bar.

Figure 4.2 shows the normalized critical buckling force of a rectangular plate and a

bar for different aspect ratios ¢.
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Figure 4.2: Comparison of critical buckling force derived based on different boundary
conditions with extrapolated data indicated by a star.

As explained in Section 3.2.6.1, the buckling factor K of a rectangular plate has
only been derived for aspect ratios § larger than 0.2 and 1, assuming simply sup-
ported and clamped edges, respectively. Here, smaller buckling factors have been
extrapolated based on a function derived through exponential regression using all
available combinations of aspect ratio and buckling factor of the respective boun-

dary conditions. Extrapolated values are indicated by stars in the respective color
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of the corresponding curves. A detailed explanation of the curves can be found in
[106]. The following section explains the physical implications of the finding on the

accuracy of the method used in this thesis.

This thesis assumes plain fins, meaning each fin completely extends in flow direction.
The fin height, equal to the distance between the plates h;, is typically much smaller
than the length in flow direction [;. Therefore, the fins can be characterized by
a rectangular, thin plate with the dimensions h; and [;. In the equations used in
this thesis and derived in [89] and [106], the aspect ratio § is introduced, where b
corresponds to the length of the edge, on which the load acts, and a to the other
dimension of the plate. Applying this to the plain fin assumed in this thesis leads to

a = h; and b =1[;. As [; < h;, the aspect ratio typically is very small.

Typically, a rectangular, simply-supported plate’s critical buckling load is smaller
than a plate clamped at all edges. This can be seen in both figures for the whole
range, where buckling factors K have been numerically derived and not extrapolated.
For very small aspect ratios, the critical buckling force of a clamped plate is lower
than that of a simply supported one. This behavior is not expected, as the clamping
of the plate typically increases its resistance against deformation. A simply supported
plate allows rotations at the edge, which generally translates to less resistance against
deformation. It is thus generally more prone to deformation and buckling than a
plate clamped at all edges. Therefore, the critical buckling force of a clamped plate
with extrapolated buckling factors probably does not accurately represent the actual

plate characteristics.

Furthermore, the critical buckling force of a bar is typically smaller and/or similar
to the critical buckling of a simply supported plate for a wide range of aspect ratios.
For small aspect ratios and larger flow lengths b = [;, the critical buckling force
of a simply supported plate first decreases, as seen in Figure 4.2b. This is due to
the calculation of the critical buckling force. Using a buckling factor K, the critical
buckling stress is derived. However, to be able to compare it to the case of a bar,
it needs to be converted to a force. This conversion is dependent on the fin length
b = [;. For small aspect ratios and larger flow lengths, the effect of an increase in
the area the critical buckling stress acts on is more significant than the decrease in

critical buckling stress due to the less slender plate.
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For very small aspect ratios and extensive flow lengths b = [;, the critical buckling
force of a simply supported plate significantly decreases, as seen in Figure 4.2b. That
would mean that very wide plates with a very small height would be more prone to
buckling than more slender plates. However, increasing the width of the plate typi-
cally leads to more lateral stability. More total energy would be required to deform
the plate laterally, as the area that needs to be deformed is larger. Therefore, the
critical buckling load assessment of a simply supported rectangular plate probably
does not accurately reflect the actual buckling behavior if the buckling factor K is

extrapolated.

Overall, the extrapolation of buckling coefficients leads to inconsistencies compared
to the characteristics using interpolated buckling coefficients. The method used in
this thesis assesses buckling based, assuming the fins to be a bar. In general, the
critical buckling force of a bar is smaller than and/or similar to the critical buckling
force of the plates, assuming that the extrapolation of the buckling factor does not

lead to an accurate representation of the actual behavior, as explained above.

Overall, the bar-based assessment used in this thesis generally provides a conserva-
tive estimate for fins, as its critical buckling force is lower than for clamped plates
and similar to that of simply-supported plates. While this method offers a reaso-
nable approximation, further accuracy could be achieved with a FEM analysis or

component testing.

Tensile Rupture If the fins are not loaded in compression but in tension, they could
rupture. Hence, the factor of safety against tensile rupture is derived in this thesis
as well. The method utilizes material data, namely the E-Modulus and the yield
strength, and compares it to the strain resulting from the length change calculation
of the fins. Therefore, verifying this method would only lead to the verification of the
material data used, which is beyond the scope of this thesis. As long as the assump-
tion of the fins as bars is valid, which has already been extensively discussed above,

and the material data is accurate, the method probably results in valid results.
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4.1.2.2 Tube Bundle Heat Exchanger

Figure 4.3 compares the factors of safety of the different methodologies implemented
for the TBHE for varying tube thicknesses. Varying the outer diameter of the tube,

assuming a fixed thickness, leads to similar observations and is thus not shown here.
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Figure 4.3: Factors of safety normalized by the DIN 13445 method for the different
implemented methods with varying tube thickness.

As can be seen, in general the results according to the DIN EN 13445 are in good
accordance with the results obtained by using the von Mises equivalent stress derived
from Lame’s formulas. The factor of safety, according to Grieb, is only dependent on
the pressure difference and not on the tube thickness. Therefore, as seen in Figure
4.3, its relative factor of safety changes drastically. It is only in good accordance with
the other methods for a small range. Additionally, it can be seen that Lames von
Mises criterion leads to more conservative stress approximations compared to Lames
Tresca criterion. Furthermore, Lames vessel formula leads to increasing discrepancies

in the factor of safety according to DIN 13445 for higher tube thicknesses.

When comparing the different factors of safety of yielding with the corresponding
one to UTS, an identical ratio of 2.198 is observable, independent of the chosen
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calculation method and the design variable, which is changed. As yielding leads to
permanent changes in the geometry with non-linear material behavior afterwards,
it should be avoided during operation. Therefore, in the following, only the factors

of safety against yielding are further investigated.

The general behavior described above for changing tube thickness applies to changing
pressure gradients as well. However, the factor of safety according to Grieb changes
as well, leading to less changes in the relative factor of safety. Figure 4.4a shows the
relative factors of safety normalized by the corresponding factor of safety according
to DIN 13445. In this case the factor of safety according to Grieb is significantly
more conservative than the one according to Lames formulas. The factors of safety

according to Lames method are consistent with the factor of safety of the DIN 13445.
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Figure 4.4: Factor of safety using the different implemented methods with varying
operating conditions.

Figure 4.4b shows the different relative factors of safety normalized by the factor
of safety according to DIN 13445 with varying wall temperature gradients. Similar
to the behavior explained for the pressure difference, Grieb leads to a significant
overestimation of the stresses, while Lames method leads to factors of safety in good
accordance with the DIN 13445. For higher wall temperature gradients, the diffe-
rences get smaller. Temperature differences lead to lower overall stresses according
to the DIN 13445 when compared with Lame’s method.
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Overall, the methods according to DIN EN 13445 and von Mises stress from Lames
formula are in good accordance with each other for most of the operating conditions
and geometries. Special care has to be taken for thicker tubes. Grieb’s method is
only valid for specific operating pressure and temperature differences as well as tube
thicknesses. In general, the method according to DIN 13445 leads to less conservative

stress estimations compared with the other method’s results.

A FEM analysis of a straight tube has been conducted in [92]. Table 4.3 compares
the maximum stresses obtained from the implementation in this thesis with the
stresses from this FEM analysis, as found in Figure 4 (b) of the respective paper.

All values are in good accordance with each other.

Radial Circumferential Equivalent stress
Source .

stress stress (von Mises)
FEM analysis [92] -34.63 MPa 162.24 MPa 196.88 MPa
DIN EN 13445 method n.a. n.a. 201.92 MPa
Lames formula method -35.89 MPa 163.49 MPa 199.38 MPa

Table 4.3: Comparison between a FEM analysis and the results obtained by the tool
used in this thesis.

All in all, both the method according to DIN EN 13445 and Lames von Mises
formula yield consistent results for preliminary design and are a valid approach
for assessing the structural integrity of TBHE. Lames Tresca-criterion leads to a
more conservative assessment. Grieb’s formula however is only valid for selected

combinations of pressure difference and wall thickness.

4.1.3 Fatigue & Creep Calculation Methods

The creep as well as the fatigue calculation method follows the processes described
in industry norms, like DIN EN 13445. However, until now, there are no replicable
examples in the literature that would allow the verification of the methods. Therefo-
re, the results for two different load conditions, leading to "low” and "high” stresses,

were compared with an alternative tool.

73



4 Verification and Sensitivity Studies

4.1.3.1 Low cycle Fatigue Damage Calculation

In general, the result from the low cycle fatigue calculation strongly depends on
the underlying material data. The material data used in this thesis is limited to
a maximum of 10® cycles. In the case of the "low” stress condition, the occurring
stresses are significantly lower than the maximum stress at the last measurement
point. Without extrapolating the material data beyond the last measurement points,
the fatigue damage according to the methods described in this thesis significantly
differs from the damage result of the alternative tool. For low stresses, extrapolation

can improve the accuracy of the methods in this thesis.

However, even when using an extrapolation or for higher occurring stresses, there is
still a significant difference between the fatigue damage calculated from the methods
in this thesis compared to the alternative tool. The most probable causes are diffe-
rences in material data, underlining the importance of using proper material data.
Further investigation using identical material data for two different assessment me-
thods is beyond the scope of this thesis but can provide further verification of the

calculation method.

4.1.3.2 High Cycle Fatigue Damage Calculation

The procedure described in Section 3.2.8 is industry standard, as described in [20].
However, it varies strongly with the applied lump sum stress amplitude. Verification
would require component tests, which are beyond the scope of this thesis. The impact

of the lump sum stress amplitude is investigated in Section 4.2.5.

4.1.3.3 Creep Damage Calculation

For the given "low” stress condition, the calculated creep damage in the TBHE is

negligible, which is in accordance with the alternative tool.
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In the "high” stress condition, the creep damage calculated by the methods derived
in this thesis significantly differs from the result obtained by the alternative tool.
The most probable cause is, similar to the differences in the LCF assessment, the

underlying material data.

As stated before, creep is not relevant for PFHE and is therefore not assessed in this

thesis.
4.1.4 Conclusion

In general, the damage assessment strongly depends on the used material data and
assumptions regarding the operational conditions, such as the corrosion rate. Assu-
ming correct material data, the methods for the calculation of the static stresses in
the TBHE provide enough accuracy. The methodology to assess the static stresses
in the PFHE can predict the occurring pressure stresses well but cannot properly
assess all temperature stresses. The assessment of LCF, HCF and creep strongly de-
pends on the used material data and made assumptions. However, the material data
as well as all the assumptions, e.g. regarding the lump sum stress amplitude, are
user-defined and can be easily adjustable, as soon as more representative material
data and values for the assumptions have been derived. The methods in this thesis
thus provide a good first assessment of the stresses and can be improved once more

knowledge of the material and operating conditions is available.

4.2 Impact of Methodology Uncertainties

This section investigates the impact of uncertainties in the methodology on relevant

calculation results.
4.2.1 Impact of Corrosion Rate

To investigate the impact of the corrosion rate, a given TBHE geometry is investiga-
ted under certain operational conditions and exposed to varying corrosion rates. To
relate the derived changes in factors of safety to masses, the tube thickness is varied

to achieve designs of identical minimum factors of safety. In this study, the static
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strength is assessed using the factor of safety against yielding, as calculated using
the DIN-13445 method. The increase in the tube thickness leads to an increased
outer diameter. The inner diameter remains constant. Figure 4.5 shows the impact
of changes in geometry, which are required to withstand the higher corrosion rate,
on the mass of a TBHE.

1.8

« tube thickness
1.6

= fin thickness '
14 . total mass '

uy

normalized result [-]
=)
(0]
o

0.0 0.5 1.0 1.5 2.0
normalized corrosion rate [-]

Figure 4.5: Mass and thickness of tube and fins of TBHE with changing corrosion
rate (thicknesses normalized by identical factor).

With increasing corrosion rate, more material has to be added as corrosion allo-
wance. Hence, the mass increases. In the case of the TBHE, the fins are exposed
to the corrosive medium on both sides. Additionally, they are assumed to carry no
structural load. Therefore, their minimum thickness is only defined by the corrosion

rate. Hence, doubling the corrosion rate leads to twice the fin thickness.

The tube itself carries all the loads. Therefore, it has a baseline value, as can be seen
by the non-zero y-axis intercept, even though a corrosion rate of zero is assumed.
When increasing the corrosion rate, this baseline value dampens the normalized
change in tube thickness. If the tube would not carry any loads, its thickness would
increase by half as much as the thickness of the fins increases because the inner
surface is not exposed to corrosion. Hence, the gradients of both thickness curves
are correlated by a factor of two, as the corrosive medium acts on both sides of the

fins, but only on one side (the outer wall) of the tube.
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The changes in required thicknesses influence the mass. Figure 4.6 shows the dis-

tribution of the masses on the different components. With an increasing corrosion
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Figure 4.6: Mass of the tube and fins of TBHE with changing corrosion rate (nor-
malized by identical factor).

rate, mass increases. The tube’s mass is calculated using the cross-sectional area of
the tube’s wall. The outer diameter of the wall is defined by the inner diameter plus
twice the respective tube thickness. It then needs to be squared to derive the cross-
sectional area. Therefore, its behavior is, compared to the change in thicknesses, not
linear.

A thicker tube influences the fins’ mass as well. Increasing the tube thickness leads
to a larger outer diameter of the tubes. As the tubes intersect with the fins, a thicker
tube leads to larger perforations in the fins. The fins’ mass increases due to the ex-
tra thickness required to withstand corrosion but tends towards a limit value. That
limit value is defined by the fins” width and height. These studies were conducted
for a fixed bend radius SL and horizontal distance between two adjacent tubes ST.
The fins width and height were thus fixed. With an increasing tube thickness, the
distance between the outer wall of two different tubes, assuming constant ST and
SL, decreases. At some point, the outer walls would overlap themselves, posing an
unrealistic design. These designs are therefore omitted.

Both effects, the increase of the fin thickness coupled with the increasingly signifi-
cant decrease in cross-sectional area of the fins due to the perforations leads to the

behavior of the mass of the fins seen in Figure 4.6

77



4 Verification and Sensitivity Studies

Overall, the corrosion rate significantly influences the required thicknesses of tubes
and fins, and therefore the mass. A corrosion rate twice as large results in an appro-
ximately doubled mass. As the heat exchangers themselves are already quite heavy,

these changes in mass are significant in absolute numbers as well.

As the accurate estimation of the required mass is one of the objectives during
preliminary design, the corrosion rates used during its calculation process need to
be chosen carefully. Otherwise, there can be significant over- or underestimation of
the mass. Component corrosion tests should be carried out even at a preliminary

design stage to accurately predict the corrosion rate.

Besides the choice of the right corrosion rate, corrosion is indeed a major failure mode
and a significant impact factor on heat exchangers’ mass. The usage of corrosion-

resistant materials is beneficial.

The corrosion rate impacts both PFHE and TBHE. The calculation method of the
corrosion allowance used in this thesis is identical. However, the effect the corrosion
allowance has on the mass differs slightly due to the different geometries assumed
and the different areas of exposure of the material. Nevertheless, the trends indicated
above are observable in PFHE, with the total mass increasing significantly for a

higher corrosion rate.

4.2.2 Impact of Plate Stress

As the method to calculate the stresses in the PFHE could not be fully verified,
the influence of varying plate stresses on the factors of safety is investigated. Figure
4.7 shows the resulting factors of safety assuming a varying stress in the plate as an

input. Exaggeratingly high factors of safety are excluded to keep the figure readable.

The factor of safety against yielding is described by dividing the yield strength of the
material by the acting plate stress. As only the plate stress is changed in this study,
Figure 4.7 shows this expected hyperbolic relation. The accurate prediction of the
acting stresses in the plate is important. Underestimating the stresses in the plate by

50 % can lead to a change in the factor of safety of 100 %. Using different methods,
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Figure 4.7: Factors of safety with changing plate stress (normalized by identical fac-
tor).

like a FEM analysis, and deriving correction factors can ensure the consistency of

the results obtained using this method with the actual stress characteristic.

Furthermore, Figure 4.7 shows the factors of safety against LCF and HCF. LCF is
constant for low normalized plate stresses at a large value outside of the scale of the
figure. After crossing a certain threshold, it follows a hyperbolic trend. This is due
to the nature of the material data. It follows a hyperbolic decrease with increasing
number of allowable cycles, tending to an asymptotic value for n — oco. However,
in reality, stresses below the asymptote can occur. To allow the computation, all
stresses below the asymptote are assumed to lead to a certain constant value of
cycles. This is chosen to be the amount of cycles for endurance strength, which is
typically 10® cycles. Therefore, low stresses lead to constant factors of safety for

LCF, even though the stresses change.

HCF shows a different behavior. Its factor of safety, described by the ratio of the
distance from the origin to the point and to the Goodman-line through the load
condition point, decreases with increasing mean stress. Figure 4.8 shows a Goodman-

diagram for load conditions with increasing mean stress.
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Alternating stress 4

Figure 4.8: HCF calculation for increasing mean stresses.

For low mean stresses, larger changes in the distance ratio occur. Here, the stress am-
plitude is significant compared to the mean stress. With an increasing mean stress,
the amplitude gets less significant compared to the mean stress. Therefore, the li-
ne from the origin to the Goodman-line through the load condition point gets less
steep. In the Goodman-line itself, the allowable stress amplitude reduces less than
the allowable mean stress increases. If the mean stress is the dominant stress, the
increase of the means stress itself gets more and more equal to the increase of the
allowable mean stress. For load conditions with significant mean stresses, the ratio
and therefore the factor of safety hence decreases hyperbolically to a set value. This
can be seen, when comparing 0,3 to 0, 4. The mean stress increases significantly
in both the actual load condition and the allowable load condition. Furthermore,
the allowable stress amplitude decreases while the mean stress amplitude is con-
stant. However, the stress amplitude ratio tends towards one for increasingly large
mean stresses. Combining both effects leads to the asymptotic behavior of the ra-
tio between the occurring and allowable stress condition, which equals the factor of

safety.

All factors of safety, including yielding, LCF and HCF, are normalized by the same
value. Therefore, for the investigated geometry, one can conclude that for lower plate
stresses, HCF is more critical. After crossing a certain plate stress threshold, LCF
dominates the design choices. Yielding typically is not design driving in the case of
the PFHE for the assumed material.
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4.2.3 Impact of Temperature Difference on PFHE

Another stress used in the calculation of the total plate stress is the stress due to the
temperature difference between the plates’ surfaces. Its influence is investigated by
changing both the hotter and colder side wall temperature while keeping the mean
wall temperature constant. This avoids changes in material properties. Figure 4.9

shows the derived factors of safety.
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Figure 4.9: Factors of safety with changing temperature difference and constant ave-
rage material temperature (FoS normalized by identical factor).

As can be seen, the normalized factors of safety barely change. While the tem-
perature stresses linearly increase with the normalized temperature difference, the
influence on the yielding and LCF factors of safety is negligible. This stems from the
temperature stress being significantly smaller than the other two plate stress com-
ponents: the substitute plate stress and especially the plate segment stress. Even
significantly increasing the fin density and/or thickness, and hence reducing the two

other plate stress components, does not lead to any changes.

As explained in Chapter 2, temperature gradients and the resulting interaction bet-
ween the components can typically lead to significant temperature stresses in PFHE.

This is not reflected in the provided method. Therefore, the derived method is not
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well suited for estimating temperature stresses besides the temperature stress due

to a radial temperature gradient in the plate of a PFHE.

4.2.4 Impact of Transient Overshoot Factor

In this thesis, a set factor is used to account for the stress increase expected during
transient operation. It is applied for the calculation of the factor of safety against
LCF.

4.2.4.1 Plate-Fin Heat Exchanger

Increasing the transient overshoot factor in the case of the PFHE leads to a higher
mean stress, equivalent to an increase in the plate stress. Therefore, the behavior of
the PFHE with increasing transient overshoot factor is identical to the one described

above in Section 4.2.2 for an increasing plate stress.

4.2.4.2 Tube Bundle Heat Exchanger

Figure 4.10 shows different factors of safety for LCF and the creep-fatigue interac-
tion as well as the corresponding corrected stress using different transient overshoot

factors for the TBHE. All curves are normalized by different values.

The factor of safety of LCF decreases less significantly for lower transient overshoot
factors than for higher transient overshoot factors. This behavior stems from the
underlying material fatigue data combined with the correction of the stress to a zero
mean stress. The corrected stress follows a trend of the form ﬁ with k; x 2 <1
and k; being a constant. The material data is not determined for low stresses. In
this case, it is linearly extrapolated. In Figure 4.10, all but the last two points are
calculated based on extrapolated points. For these points, a higher corrected zero
mean stress leads to a linearly decreasing number of allowable cycles. However, the

corrected zero mean stress increases faster for higher transient overshoot factors.

82



4 Verification and Sensitivity Studies

2.0
18 « FOS LCF
1' 5 -=-FoS creep - fatigue
— : . ¢ + Corrected stress
= 14 .,
2 1.2 e
9 - °
5 10| i
N 0.8 * -
£ 06 . ° .
S 04 - :
0.2 o .
0.0 o« &
0.0 0.5 1.0 1.5 2.0

normalized transient overshoot factor [-]

Figure 4.10: Corrected stress, LCF and creep-fatigue factor of safety of TBHE with
changing transient overshoot factor (normalized by different factors).

Then, the number of allowable cycles decreases faster as well. This is exactly what

can be seen in Figure 4.11.

The last two points on the factor of safety LCF curve seem to have the same y-value.
However, they still change, but much less than observed before. As the number
of allowable cycles cannot be below zero, the factor of safety against LCF cannot
become negative. This implies that the trend described above cannot continue for
very large transient overshoot stresses. It is only valid for smaller transient overshoot
factors and thus large factors of safety against LCF. As soon as the factor of safety
approaches a certain threshold and the material fatigue data is not extrapolated

anymore, its characteristic changes. Therefore, it is further investigated below.

As indicated by the figure, the choice of the transient overshoot factor leads to a
change in the factor of safety of LCF. However, its importance is significantly higher
after crossing the explained threshold, leading to LCF being the design driving

factor.

In the methodology implemented in this thesis, the transient behavior has no influ-
ence on the static calculation process. Hence, the static, creep and HCF behavior

remains unchanged. However, creep-fatigue interaction gets more severe with incre-
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asing LCF. It changes following the trend explained in the factor of safety of LCF.
However, as the absolute LCF factor of safety is at a high level for most of the range
shown, its influence on creep is small. Therefore, the interaction between fatigue
and creep is mainly driven by the creep damage, which is constant in this study.
Only after the LCF factor of safety drops to a lower level the factor of safety of the

creep-fatigue interaction drops sharply.

Further Investigation for High Transient Overshoot Factors The area in which
the above-mentioned drastic changes occur is further investigated in Figure 4.11.

Here, both curves are normalized by the same value.
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Figure 4.11: LCF and creep-fatigue factors of safety of TBHE for high transient
overshoot factors (normalized by identical factor).

In contrast to Figure 4.11, in this figure, the factor of safety against LCF damage
is based on interpolated material data. The material characteristic allowable stress
decreases hyperbolically towards an asymptote for an increasing number of cycles.
The difference between the number of allowable cycles between two stresses decrea-
ses with increasing stress levels. As the factor of safety against LCF compares the
number of allowable cycles to the number of occurring cycles, this behavior transla-
tes to the factor of safety against LCF, depicted by red dots in Figure 4.11. If the

84



4 Verification and Sensitivity Studies

transient overshoot factor is smaller (but big enough to be inside of the material
data), the corrected stress is smaller as well. The number of allowable cycles incre-
ases significantly for a slight increase in corrected stress. Therefore, the gradient of
the factor of safety against LCF is large in the beginning. For a higher transient

overshoot factor, the gradient gets smaller.

The factor of safety of the creep-fatigue interaction, in general, is always lower than
the LCF safety factor, as the creep-fatigue interaction involves creep as well. Fur-
thermore, an inflection point in the creep-fatigue curve can be seen. This point
corresponds to the intersection of the two straights in the creep-fatigue interaction
diagram, as described in Figure 3.10. Here, the gradient of the curve changes sudden-
ly, leading to an inflection point. Before the inflection point, a small change in LCF
damage leads to a big change in the allowable creep damage. After the inflection
point, further changes in LCF damage lead to a smaller change in allowable creep
damage. As the creep damage remains constant in this study, the factor of safety of

creep-fatigue interaction decreases less after the inflection point.

4.2.4.3 Conclusion

Overall, the choice of the transient overshoot factor influences the LCF behavior.
However, for most cases, LCF is not the design limiting factor. Only after passing
a certain threshold, it can become design driving and special care must be taken
to accurately predict the stresses during transient behavior. If material data were
available for smaller stresses as well, the behavior described in Figure 4.11 would be
observable for lower transient overshoot factors as well. The fatigue material data
follows a hyperbolic trend. Its gradient gets smaller for an increasing number of cy-
cles, while the gradient of the linear extrapolation is constant. Therefore, the factors
of safety against LCF would be assumed to be even larger than the extrapolated

ones.

The creep-fatigue interaction factor of safety accounts for both creep and fatigue and
is therefore always smaller than the factor of safety of LCF. For very high factors of
safety of LCF, it is an indicator for the creep damage. With increasing LCF damage,
it is more significantly influenced by LCF.
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Figure 4.12: HCF factor of safety of PFHE with changing lump sum stress amplitude
for two stress scenarios (normalized by identical factor).

4.2.5 Impact of assumed Lump Sum HCF Amplitude

The last source of uncertainty in the developed methods results from the estima-
tion of the lump sum stress amplitude acting during HCF. Figure 4.12 shows the
normalized factor of safety against HCF for various lump stress amplitudes and two
different mean stress scenarios: a "low” and a "high” one. Both lines have been nor-
malized by the same value. While this figure refers to the PFHE, a similar behavior
is observable for the TBHE. The HCF calculation process is independent of the heat
exchanger type. Only the required material data for the Goodman-diagram varies.
In general, for lower lump sum stress amplitudes, the HCF factor of safety changes
more significantly than for higher lump sum stress amplitudes. For o, — oo, a de-
creasing gradient is observable. Furthermore, a lower mean stress leads to a more

significant change in the factor of safety than a higher mean stress.

The factor of safety is calculated by comparing the distance from the origin to the
load condition point and to the modified Goodman-line through the point. The stress
amplitude is only one of the two components. Therefore, its influence decreases with

a higher mean stress, which is the second component, explaining smaller changes.
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For very small lump sum stress amplitudes, the factor of safety against HCF does
not change significantly. The magnitude of the gradient then increases until a kink
occurs. Thereafter, the changes in factor of safety against HCF reduced hyperbo-
lically. This characteristic, including the kink, can be explained by the modified
Goodman-line. It is described by two straight lines, one connecting the endurance
strength to the UTS and one connecting the yield strengths, as shown in Figure
3.9. The maximum allowable mean stress-amplitude combination is described by

the point on either of the two lines, which is closer to the load condition point.

The kink corresponds exactly to the load condition point, which is equally far away
from either line. For a higher stress amplitude, the load condition point is closer to
the line connecting the stress at the endurance limit and the UTS. For lower stress
amplitudes, the point is closer to the yield line. As shown in Figure 3.9, the steepness
of the lines changes. This leads to a change in the allowable load condition, leading
to a kink in the factor of safety curve. As the yield line is only design limiting for a
small range of stress amplitudes, the effect is limited to a small region. For a higher
mean stress, the kink occurs for a higher lump sum stress amplitude. The point of
the load condition is closer to the yield line and therefore is still limiting, even for a

higher stress amplitude.

The hyperbolic behavior of the curves in general can be explained by the changes
in the distances to the modified Goodman-line and to the load condition point.
While the first distance changes with Ag ~ \ﬂx%), the second distance changes with
Ao ~ \ﬂxQ) Dividing both to get the factor of safety leads to a hyperbolic behavior.

It is dampened by the material properties used for the Goodman-line.

In general, changing the lump sum stress amplitude influences the HCF factor of

safety, especially in cases where the mean stress is low.

4.3 Design-Driving Failure Mode

This section aims to derive the failure mode, which drives the design for the assumed
operational conditions and geometric properties. It is described as the lowest factor

of safety of all failure modes.

87



4 Verification and Sensitivity Studies

4.3.1 Plate-Fin Heat Exchanger

No creep is assumed in the PFHE. Therefore, the possible failure modes include
yielding, LCF and HCF, assuming that the corrosion allowance is chosen sufficient-
ly high. As described in Section 4.2.2, for a wide range of plate stresses, HCF is
the design driving failure mode. Furthermore, for higher plate stresses and higher

transient stresses, LCF becomes dominant.

An increase in required lifetime leads to an increase in plate thickness to cope with
the occurring corrosion. Furthermore, the number of cycles, and hence, the LCF
damage increases. However, as explained above, LCF is only relevant for higher
plate stresses and/or higher transient stresses. Therefore, HCF is design-driving in

most of the cases.
4.3.2 Tube Bundle Heat Exchanger

When assessing the TBHE, LCF is mainly influenced by the transient overshoot
factor, as explained in Section 4.2.4. HCF is driven by the stress amplitude, as ex-
plained in Section 4.2.5. Increasing the mean stress does influence the static strength
more significantly than HCF. The last failure mode, creep, has not been investigated

more thoroughly in Section 4.2 and will be assessed below.

Figure 4.13a shows the relation between creep and yielding for different temperature
levels, indicated by different depictions. The temperature levels are plotted according
to the temperature difference Tg;¢ from a certain value T'. The horizontal line at one
indicates the turnover points. Above the line, the factor of safety of creep is larger
than that of yielding. Below the line, the creep behavior dominates the design. With
increasing lifetime, creep gets more and more important, and the curve follows a
hyperbolic trend. Furthermore, the mean wall temperature does not influence the
relation significantly for lower mean wall temperatures. However, after crossing a
certain threshold, changes are more drastic and can lead to creep driving the design

for all lengths of lifetime.

This can be explained by the underlying material data. Figure 4.14 shows the creep

strength for creep times between 0 and 2000 hours of a fictitious material. The creep
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Figure 4.13: Relation between creep and static strength of a TBHE for different
temperatures and pressure differences.

data follows approximately a linear decreasing line in the direction of the logarithmic

x-axis. This leads to a hyperbolic decrease in a diagram with a linear x-axis, as seen

in Figure 4.14.
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Figure 4.14: Exemplary creep data for a fictitious material and interpolation results

according to DIN EN 13445.

However, stresses below the last given creep strength, which is 6 MPa in Figure 4.14,

can occur. The creep times associated with these stresses will then be interpolated
according to DIN EN 13445. Furthermore, DIN EN 13445 defines a maximum al-
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lowable creep time at a value of twice the last material data point measured. The
dashed line indicates this limit. If no material data is available, the allowable creep
time is therefore significantly smaller than the the real value.

In the case of the fictitious material in Figure 4.14 and an assumed stress of 4 MPa,
the resulting interpolated creep time would be 3000 hours. However, as this is more
than twice the creep time of the last given material data point, the latter is used
instead. This leads to a maximum allowable creep time of 2000 hours in the example.
The maximum allowable creep time stays constant until the stresses are high enough
that the calculated creep time is below this threshold; in the case of the fictitious
example higher than 5 MPa.

In general, higher mean temperatures lead to a decreasing creep strength. There-
fore, stresses can be high enough to be inside the material data. After passing this

threshold, the creep behavior changes, lowering the curves.

However, the time-independent material data, especially the yield limit, gets lower
with increasing temperature. If the stresses are too low and the creep time is thus
limited by the maximum, increasing mean temperatures can lead to a higher curve.
This includes the curves of T', which is above the curve for T'— 0.9 % Ty, even though

the temperature is higher.

Figure 4.13b shows the second main influence of creep and static strength: the pres-
sure difference between the inner and outer side of the tube, assumed at a set mean
wall temperature. Here, the behavior is similar to the behavior for different mean
wall temperatures. However, the pressure difference influences the factor of safety
against yielding more significantly, as it directly influences the acting stresses. This
explains the large gap between 0.1 - Ap and 0.7 - Ap. While the pressure difference
gets larger, the yielding factor of safety decreases significantly, while the creep be-
havior remains identical, as it is capped at twice the maximum value. In this case,
the stresses are too low compared to the available material data. However, after pas-
sing a certain threshold (here around 1 - Ap), creep becomes much more dominant,

irrelevant of the lifetime.
All in all, the design-driving failure mode of the TBHE strongly depends on the

operating conditions and the geometry. Creep dominates for large lifetimes, high

mean wall temperatures and high pressure differences. In the case of high transient
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stresses, indicated by high transient overshoot factors, LCF is design driving. Having
large stress amplitudes leads to HCF being the most influential. However, until the
design leads to operating conditions and stresses below the critical thresholds, as
explained above, yielding is the dominant design driver, and creep and fatigue are

less relevant.
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5 Influence of Changes in

Geometrical Properties

Chapter 4 showed the plausibility of the results obtained using the methodology
introduced in this thesis and indicated some of its limitations. Furthermore, the

design-driving failure mode for different scenarios has been derived.

This chapter examines how variations in geometric parameters affect the factors of

safety, by analyzing the resulting changes in mass and geometry.

To investigate the impact of varying geometric parameters, the effects on the resul-
ting static stresses and, hence, the factor of safety against yielding are investigated.
These stresses are used in the calculation of the other failure modes, creep, LCF and
HCF, as well. Furthermore, the static stresses do not face as significant uncertainties
as the other failure modes do: Creep and LCF are highly dependent on the available
material data as well as the assumed lifetime. Similarly, HCF is strongly dependent
on the assumed lump sump stress amplitude.

The effects of an increasing stress on the other failure modes have been presented
in Chapter 4.

Therefore, this section focuses on the impact of the geometric parameters of the heat

exchanger on the factor of safety against yielding under static loading.
5.1 Plate-Fin Heat Exchanger

5.1.1 Change in Plate Thickness

Figure 5.1 shows the effects of increasing the plate thickness, assuming constant
temperatures of the plate on both surfaces and a constant overall height of the heat

exchanger.

The graph shows a maximum of the factor of safety for a certain normalized plate

thickness. This can be explained by looking at the resulting plate stresses and its
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Figure 5.1: Factor of safety against yielding of PFHE with changing plate thicknes-
ses.

components, as shown in Figure 5.2. All stresses are normalized by the same value.

The total stress has a minimum corresponding to the maximum factor of safety. For
low plate thicknesses, the total stress in the plate is mainly driven by the stress
due to the bending of the plate between two fins, the so-called segment stress. As it
decreases hyperbolically, after a certain threshold, the temperature stress, which is
constant for all plate thicknesses, becomes more important. It is only dependent on
the temperatures of both plates’ surfaces, which are assumed to be constant within
this study. However, in reality, an increase in plate thickness could change the tem-
peratures on the plates’ surfaces. The stress calculated using the shortening of the
fins as maximum displacement, the so-called substitute stress, increases with incre-
asing plate thickness due to an increasing mass and, therefore, higher gravitational
force of one plate acting on the fins. The total mass, as seen in Figure 5.1, increases
less for a higher plate thickness. One of the assumptions made in this study is a fixed
overall height of the heat exchanger. Therefore, while the plate thickness increases,
the number of passages has to decrease and therefore the number of plates, fins and

sidebars reduces, explaining the flattening of the mass curve.
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Figure 5.2: Stress components of PFHE with changing plate thicknesses (normalized
by identical factor).

The methods in this thesis assume that the fins carry all the load. Hence, despite the
increasing weight of the plate, the forces acting in the fins change only due to the
additional mass of a thicker plate. However, the weight is significantly smaller than
the pressure and temperature load. Therefore, the factors of safety against buckling

and rupture remain nearly constant.

Increasing the plate thickness leads to less heat transfer through the wall. From a
thermodynamic perspective, thin walls are strived for, keeping the thermal resistance
low. This is what makes the PFHE so attractive. Therefore, while trying to optimize

the structure, one has to keep the impact on the heat transfer in mind.
5.1.2 Change in Fin Thickness

The resulting stresses occurring in the plate can be influenced by changing the
thickness of the fins, as well. However, the maximum thickness of the fins is influenced
by the fin density. For a given fin density, FD, the distance between two fins and

hence the maximum thickness is given by %.
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Figure 5.3: Stress components of PFHE with changing fin thicknesses (normalized
by identical factor).

Figure 5.3 shows the changes in the plate stress due to a changing fin thickness. All

curves have been normalized by the same value.

The temperature stress remains constant. Furthermore, for very low normalized fin
thicknesses, the substitute stress component, while still being lower than the segment
stresses, has a more significant influence on the resulting stress. This shows the effect
of the developed methodology; it assumes the fins to carry all loads. Therefore, with
a higher fin thickness, the substitute stresses in the plate reduce, as the fins can
carry more load. As the substitute stress is normalized by the same value as the
significantly higher total stress, it seems to remain constant for larger fin thicknesses.
However, as the pressure per fin and hence the length change of the fins leading to
the maximum deflection continues to decrease hyperbolically with an increasing fin

thickness, the substitute stress in the plate is reduced further.

This hyperbolic trend of the substitute stress can be found in Figure 18 from [103,
p. 11] as well. However, the resulting stress curve levels off slower. Especially for
small fin heights, the impact of an increase in fin thickness on the plate stress gets
significantly less pronounced. Overall, the derived method probably slightly unde-
restimates the impact of increasing fin thickness on the substitute stress. However,

the substitute stress for the assumed operating conditions is significantly smaller
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than the total stress anyway. Therefore, the possible slight underestimation of the

substitute stress can be neglected in further analysis.

The segment stress decreases slightly with an increase in fin thickness. A higher fin
thickness slightly reduces the cross-sectional area of a plate segment between two

fins. A lower area leads to smaller bending stresses in the segment.

The effects on the resulting plate stresses are transferred to the factor of safety

against yielding, as shown in Figure 5.4.
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Figure 5.4: Factor of safety against yielding and total mass of PFHE with changing
fin thicknesses.

As can be seen, after a certain point, the factor of safety of yielding does not change
noticeably with a further increase in fin thickness. However, the mass increases
linearly with an increase in fin thickness. Therefore, the structure-mechanical goal
agrees with the thermodynamic goal of using thinner fins compared to thicker fins,

as they offer a better heat transfer per mass.
One important aspect of the fins is their task of maintaining structural integrity.

Therefore, their factor of safety with regard to buckling under compression and

rupture under tension has to be taken into account as well. Both occur under different
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Figure 5.5: Stress components of PFHE with changing fin thicknesses (normalized
by different factors).

operational conditions. Buckling occurs if the fins are stressed in compression. That
happens if the plates bend towards each other. Conversely, rupture occurs if the
plates bend away from each other and the fins are stressed in tension. As they
describe two different operating conditions, they are not being normalized by the

same factor. The occurring trends are shown in Figure 5.5.

As can be seen, decreasing the fin thickness leads to a linear decrease in the factor of
safety against rupture. Furthermore, the buckling factor of safety decreases hyperbo-
lically with decreasing fin thickness. Both are direct consequences of the used Euler
equation. Therefore, the fin thickness should not fall below a limit value. Otherwise,

the fins will fail.

5.1.3 Change in Fin Density

Figure 5.6 indicates the factors of safety for different fin densities chosen. The factor
of safety for static yielding, buckling and tension are normalized by the same value.
The total mass as well as the factors of safety indicating the stability of the fins
(buckling and tension) change linearly with increasing fin density. The latter results

from an increase in the number of fins, leading to more fins carrying the same load
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Figure 5.6: Factors of safety of PFHE with changing fin density (normalized by
identical factor).

and, thus, a lower internal stress. In general, the fins are more prone to stability
failure due to buckling than due to tension. Especially for low fin densities, buckling
of the fins can be the design driving failure mode. Furthermore, the factor of safety
against yielding increases quadratically with increasing fin density. By increasing
the fin density, the dimensions of the plate segment reduce linearly, and therefo-
re, the resulting plate segment stress reduces quadratically. The temperature stress
calculated using the methods of this thesis does not change with an increasing fin
thickness. Furthermore, for the assumed operating conditions, the segment stresses
are significantly higher than the substitute stresses, as seen in Figure 5.5. Therefo-
re, the characteristic of the segment stresses dominates the factor of safety against
yielding, leading to the mentioned quadratic increase. However, for other operating
conditions, the substitute stress can become more significant. Then, its linear incre-
ase with an increasing fin density can influence the factor of safety against yielding
more than the segment stress. However, the factor of safety against yielding still

increases with increasing fin density.
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Figure 5.7: Factors of safety against static yielding and changes of mass of PFHE
with changing geometric parameters (normalized by identical factor).

5.1.4 Best Design Option to Increase the Factor of Safety

The previous sections investigated the influence of three geometric parameters on the
structural integrity of a PFHE. The investigation of further geometric parameters,
like the height of the finned flow or the plates’ dimensions, is beyond the scope of
this thesis.

As the factor of safety against yielding allows a direct comparison of occurring
stresses without other factors, like stress amplitude or transient overshoot factors,
Figure 5.7 shows the factor of safety against yielding by changes in all three geometric
parameters compared to their mass. All curves are normalized by the same value.
The gradient of each curve corresponds to the mass change per change of factor of
safety against static yielding. A low gradient corresponds to only a slight increase in
mass for a high gain in the factor of safety. Therefore, the curve with the smallest
gradient corresponds to the most optimal design option for increasing the factor of
safety against static yielding. From Figure 5.7, it can be derived that it is most mass-
optimal to increase the plate thickness, as its gradient is the smallest. The second
best option is an increase in the fin density. Increasing the fin thickness yields no
significant change in the factor of safety while steadily increasing the mass. However,

as mentioned in Section 5.1.2, the impact of an increasing fin thickness is slightly
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underestimated. Nevertheless, the difference in the gradient from the other options
is significant. Therefore, even if the impact of an increasing fin thickness would be
underestimated, an increase in fin thickness would probably still be the least mass-
efficient option. Additionally, increasing the fin thickness leads to a smaller heat
transfer area per volume and therefore less possible total heat transfer compared to

a design with a higher fin density.

Increasing the fin density leads to an increase in surface area, as more fins are present
in the flow passage. Therefore, it enhances heat transfer. Taking both the thermo-
dynamics and the structural mechanics into perspective, it could thus be beneficial
to increase the fin density instead of the plate thickness. However, considerations
regarding the pressure as well as the blockage of the flow channel, which increases

with an increasing fin density, are required.

Furthermore, manufacturers typically provide standard thicknesses. Hence, the op-
timal plate thickness could be a thickness that is not manufacturable. This could be
due to the precision of the manufacturing process. Therefore, a combination of both
a varying plate thickness and a varying fin density can be a practicable solution to

obtain the required factors of safety while still being manufacturable.

While generally, the rupture of the fins is not design-limiting, buckling can be a
critical failure mode. Therefore, its behavior is investigated as well. Figure 5.8 shows

the changes in the buckling factor of safety.

As can be seen, here, an increase in plate thickness has no significant impact on
the factor of safety of buckling due to the chosen modeling approach. In reality,
increasing the plate thickness would lead to a smaller compressive load acting on
the fins, as the plates can carry more load compared to a thinner plate. However, the
effect is still expected to be smaller than changing the fin geometry. Hence, it is not
considered an adequate measure to increase the stability of the structure. It mainly
depends on the fin thickness and density. While for low normalized buckling factors
of safety, the gradient of the fin thickness curve is higher, the characteristic changes
for higher normalized buckling factors of safety. The mass-optimal parameter for
increasing the buckling resistance of the fins can thus vary between their thickness

and density.
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Figure 5.8: Factors of safety against buckling and changes of mass of PFHE with
changing geometric parameters (normalized by identical factor).

However, as mentioned above, increasing the fin density would probably be the pre-
ferred method. It increases the possible heat transfer area and reduces the stresses
on the plate. Interdependencies between the fin thickness and the fin density regar-
ding the stability against buckling exist. Both the fin density and their thickness
influence the stability of the fins. Therefore, when ensuring the stability of the fins,

both a very low number of fins and a very low fin thickness must be avoided.

Using the tool and conducting a grid search optimization with given operational
parameters for a minimum mass while varying the three mentioned geometric pa-
rameters shows exactly the described behavior. If one wants to increase the factor
of safety of the plate (e.g. when the fins are stressed under tension and rupture is
not design-limiting), the fin thickness should be chosen as low as possible. The plate
thickness is increased. However, as the mathematical optimum lies between the step
size defined in the grid search, the fin density is increased. Therefore, the resulting
heat exchanger geometry includes a certain plate thickness, a fin density between
the minimum and maximum defined in the grid search and a fin thickness as low
as possible. However, when optimizing a geometry in which the fins are stressed in
compression, the buckling resistance plays a significant role. The resulting design
features a medium fin density as well as fin thickness.

In general, designs with the fins stressed in compression lead to higher required mas-
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ses than designs where the fins are stressed in tension. While this assumes the fins to
be bars, this should hold for rectangular, thin plates as well. The buckling criteria is
more critical than tensile rupture, as the buckling is a function of structural stability
and not the material strength. Typically, the structural stability is lower than the

material strength.

5.2 Tube Bundle Heat Exchanger

This section investigates the changes in the factor of safety against yielding when
varying three geometric parameters. First, the influence of the tube thickness is
discussed. Then, the influence of changing bend radii of the tubes is investigated.
Furthermore, the influence of a changing inner diameter of the tube is explored.
Finally, the best design option of the TBHE for reaching a certain factor of safety

is assessed.
5.2.1 Change in Tube Thickness

The tube thickness is the first geometric parameter of the TBHE investigated. Figure
5.9 shows the normalized factor of safety and mass of the TBHE for different tube

thicknesses.

As can be seen, the factor of safety first increases significantly before asymptotically
tending to a certain value. The mass generally increases more significantly for higher
tube thicknesses. This is a consequence of the mass calculation involving the deri-
vation of the cross-sectional area of a circular ring, as already explained in Section
4.2.1.

The factor of safety curve can be explained by looking at the stresses resulting in
the tube, shown in Figure 5.10. In general, the temperature stresses in the radial
direction are zero at the inner wall, which is where the maximum total stress occurs.
The pressure stress at the inner wall in the radial direction remains constant for
all tube thicknesses and is equal to the inner pressure, which is independent of
geometrical parameters. The temperature stresses in the circumferential direction

increase logarithmically. However, as they are significantly smaller than the pressure
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Figure 5.9: Factors of safety against yielding and changes of mass of TBHE for chan-
ging tube thicknesses.

stresses, they are not shown in the figure either. The total stress, thus, is similar to

the circumferential pressure stress.

The circumferential pressure stress decreases with increasing tube thickness. This
behavior is expected, as more material is available onto which the load can distribute
itself. However, the circumferential pressure stress decreases hyperbolically. For low
tube thicknesses, an increase in the tube thickness leads to a better load distribution
in the radial direction. However, for large tube thicknesses, the stress peak, which
occurs at the inner wall, does not change noticeably anymore, as the additional
material does not carry any pressure loads. The pressure is already completely carried

by the inner part of the tubes.

The stress intensification factor due to the bend decreases hyperbolically for low
tube thicknesses. However, beyond a certain threshold, the stress intensification
factor of the bend would fall below 1, as explained in Section 3.2.6.3. Hence, a stress
intensification factor of 1 is used, corresponding to the straight part of the tubes. In
this case, the total stress before and after applying the stress intensification factor

is identical.
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Figure 5.10: Pressure, total stresses and stress intensification factor of TBHE for
changing tube thicknesses (stresses normalized by identical factor).

The goal of this study was to see the effect of changing tube thicknesses. The fin
height and fin width, defined by SL and ST have been assumed to be constant.
Furthermore, the number of tube cross-sections, defined by n, and n;, was assumed
to be constant. The outer diameter and hence the maximum tube thickness is thus
limited by the geometry of the fins. SL and ST were thus derived based on the
maximum outer diameter, which corresponds to the maximum thickness. For thinner
tubes, this leads to shallow bends. The stress intensification factor of the bend hence
drops quickly below 1, as a small thickness is sufficient to counteract the stress
concentrations due to the shallow bend. A stress intensification factor of 1 is used

in this case.

Investigating the tube thickness with varying SL and ST would lead to completely
different designs with significantly varying heat transfer areas of the fins. These stu-
dies would only be possible when using a multidisciplinary approach and comparing
other metrics, e.g. designs with varying geometrical parameters but identical heat
transfer capabilities. This would help assess the influence of a changing thickness
on the fluid- and thermodynamic behavior. While the fin geometry has a signifi-
cant impact on the heat transfer area, the thicker tubes influence the fluid- and
thermodynamics as well. Thicker tubes lead to increased thermal resistance and an

increased pressure drop [107].
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The factor of safety can be increased significantly by increasing the tube thickness
up until a certain point. In this case, the total mass does not change significantly.
However, thereafter, an increase in tube thickness does not yield a further stress

relief, but a significant mass increase. Other measures are required.
5.2.2 Change in Bend Radius SL

The bend radius SL describes the vertical distance between two adjacent tubes, as
shown in Figure 3.2. The yield factor of safety, as well as the changes in mass and

fin height, are shown in Figure 5.11. With an increasing bend radius, the stress
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Figure 5.11: Factor of safety against static yielding as well as mass and fin height
of the TBHE for changing bend radii (masses normalized by identical
factor).

concentrations in the bend reduce. This is shown by the increasing yield factor of
safety, depicted in red. The impact of the bend radius on the factor of safety is
stronger for small bend radii. Especially in the case of tight bends, increasing the
bend radius can thus be a practicable measure to reduce stresses. However, this can
only be done until a certain threshold. After crossing it, the bend is too shallow
for a negligible stress concentration to occur. Therefore, the factor of safety against

yielding cannot be changed by increasing the bend radius further.
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Changing the bend radius influences the total mass. The mass of the tube remains
approximately constant; its changes stem from the changing additional length of the
tube required for the bend. However, compared to the mass of the fins and tubes,
this additional mass is significantly smaller. The mass of the fins however increases
linearly with increasing bend radii, as the height of the fins increases. The fin height
is defined by the number of passages as well as the bend radius. The latter indicates
the vertical distance between two adjacent tubes. Increasing the bend radius thus
shifts the tubes further apart. In this study, the number of tube passages is fixed.
Therefore, the fins’ size increases. While the mass of the tubes dominates the total
mass for small bend radii, it shifts towards a more dominant fin mass for higher
bend radii.

Besides the influence of the mass, the influence of the fin height on the geometry is
significant. Doubling the bend radius leads to fins twice as high. Heat exchangers
for aero engines are typically designed in a compact way, as design space is sparse
in aero engines. Doubling the size of the fins involves a significant change in the

geometry of the heat exchanger and, hence, the aero engine.

Increasing the bend radius may be a proper design choice for decreasing the occurring
stresses if the fin geometry is fixed and the bend radius is very small. Furthermore,
increasing the fin height leads to a larger heat transfer area of the fins. If the geometry
of the fins is predefined and the bend radius does not influence fin height, it should
be chosen as large as possible to ease stress concentrations. However, if the bend
radius SL is used to size the fins, it should be chosen as small as possible to avoid a

significant mass increase due to an increase in fin height.

Changing the bend radius influences the fluid- and thermodynamic behavior of the
tubes as well. With larger bend radii, the longitudinal spacing between the tubes
grows. Increasing the distance between the tubes leads to a decreased pressure drop.
Furthermore, positioning the tubes closer together can lead to an increased flow
velocity of the gas flowing through the tubes. If turbulence occurs, heat transfer
can be enhanced. Additionally, a larger spacing between the tubes means that fewer
tubes fit into a given space, and hence, the heat transfer area is reduced. From a
thermodynamic perspective, one generally wants to maximize the number of tubes

and, hence, minimize the distance between tubes. However, choosing a too small
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distance leads to difficulties regarding the cleaning and can increase the risk of

plugging [108].
5.2.3 Change in Diameter

Another geometric property influencing the stresses in the tube and hence the fac-
tor of safety against yielding is the diameter of the tube. Within the methodology
developed in this thesis, the inner diameter and the tube thickness are user inputs,
whilst the outer diameter is calculated based on them. As the inner and outer dia-
meters are coupled by the thickness, the results when varying the inner diameter
and the outer diameter would be identical. In this study, the change in the inner
diameter is investigated. Figure 5.12 shows the resulting factor of safety against yield

for different inner diameters.
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Figure 5.12: Factor of safety against static yielding and mass of the TBHE for chan-
ging inner diameter.

Increasing the inner diameter leads to a hyperbolic decrease in the factor of safety.
The pressure stress acts on the surface area of the tube. The surface area of an
infinitesimal small tube segment, defined by 7 - d;, increases faster than the cross-
sectional area, defined by % - (d2 —d?),as df —d? = (d; +2-t)* —d} =4-d; -t +4-1°

and t < d;. Therefore, the induced total force, defined by the surface area, increases
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faster than the ability to withstand the load, characterized by the cross-sectional
area. While an increasing inner diameter leads to a larger cross-sectional area and,

hence, a larger mass, the factor of safety actually decreases.

The total mass increases for small inner diameters. However, after crossing a certain

threshold, it decreases with an increasing inner diameter. This is due to the interac-

tion between the mass of the fins and the mass of the tubes. For the calculation of

the tubes’ mass, the cross-sectional area of the tube is used. By subtracting the area

defined by the inner diameter, 7 - (%
di+2:ts

T (%L)? =7 (%121)2 the quadratic term d; cancels out. This results in a linear

relationship between the inner diameter and the cross-sectional area of the tubes.

)2, from the area defined by the outer diameter,

However, with an increasing inner diameter, the mass of the fins reduces as the
perforations in the fin induced by the tubes increase. The inner diameter is hence
dependent on the geometry of the fins as well as the tubes. It occurs if the mass
increase in the tubes is equal to the mass decrease in the fins due to the large
perforations. Using the equations introduced in Section 3.2.3, the maximum occurs
for d; = %. The critical inner diameter is thus dependent on the thickness
of the tube as well as the thickness of all fins combined, defined by FD - tg. If
the thickness of all fins combined is larger, it occurs earlier. However, for a large
tube thickness, the gradient of the tubes’ mass is larger, and hence, the maximum
of the total mass occurs later. A typical heat exchanger geometries with t; < t,
medium values of F'D and t; < d;, would generally lead to a mass increase with
increasing inner diameter. However, further increases in the inner diameter can lead

to a reduced mass but a significant decrease in the factor of safety.

Looking at the yielding factor of safety, a small tube diameter is strived for. However,
decreasing the tube diameter significantly influences the flow behavior of both the
inner flow and the outer flow. It slightly decreases the pressure drop due to less
blockage of the outer flow. However, the effect of erosion inside the tube, which
is not assessed in this thesis, can increase due to a higher fluid velocity. The heat
exchange is significantly influenced by the tube diameter as well. Increasing it leads
to an increase in heat transfer area but a decrease in flow velocity, following the
continuity equation. This decreases the Reynolds number as well, indicating the

influence on the flow behavior.
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Based on the methods included, a minimal diameter would be beneficial for struc-
tural integrity. In practice, however, the inner diameter needs to be adjusted to the
operational parameters and the required heat transfer while being able to withstand

the structural loads in all occurring operating conditions.
5.2.4 Best Design Option to Increase the Factor of Safety

Figure 5.13 compares the three options to influence the structural integrity, as pre-

sented above.
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Figure 5.13: Factor of safety against yielding and mass of the TBHE for changing
geometric parameters (normalized by identical factor).

Increasing the yield factor of safety by adjusting the inner diameter first leads to a
significant mass increase, but for larger factors of safety, the mass decreases again,
leading to a slight negative gradient. This has already been explained in Section 5.2.3.
A higher factor of safety against yielding can thus be achieved by minimizing the
inner diameter, as a smaller inner diameter leads to an increase in the factor of safety
against yielding and mass decrease. Furthermore, due to the steep gradient of the
bend radius curve, a bend radius as low as possible is desired, as a decrease in bend

radius leads to a smaller mass. The gradient of the tube thickness is approximately
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linear. It is smaller than the gradient of the bend radius SL, but especially for higher

factors of safety, larger than the gradient of changes in the inner diameter.

From a structural standpoint, all designs should have a diameter as small as possible.
If the stresses of the tube would be too high, it would be most effective to increase

the tube thickness. The bend radius should be chosen as small as possible.

Conducting a grid search optimization on all three parameters for given operating
conditions shows the same behavior. A design with the smallest bend radius and
inner diameter, but an increased tube thickness leads to the most mass-efficient de-
sign. A design with a minimum tube thickness and inner diameter but a higher bend
radius leads to a lower factor of safety against yielding and a significant additional

mass.

However, changing the bend radius might be a valuable option. In the study presen-
ted above, the bend radius SL defined the required fin height. However, if the fin
height is higher than structurally required, be it due to manufacturing purposes or
thermodynamic reasons, increasing the bend radius does not change the mass signi-
ficantly. Furthermore, if unexpectedly higher stresses occur but the tube thickness
and diameter are already fixed, the bend radius can be used to decrease the stresses

by increasing the bend radius.

Whilst the findings above are explicitly related to the structural-mechanic charac-
teristic of the TBHE, it is necessary to consider the impact of varying geometrical
parameters on the flow behavior and thermodynamics of the TBHE as well. An op-
timal structural-mechanic design featuring a small bend radius and inner diameter
with a larger thickness could lead to erosion inside the tubes due to a higher flow ve-
locity as well as smaller fins and a thicker tube, which could hinder the heat transfer

ability. A multidisciplinary approach is thus required to optimize a design.
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6.1 Conclusion

High performant heat exchangers are needed in novel aero engines. They can fail
due to various factors such as corrosion, static stress, LCF, HCF, creep or interac-
tions between different failure modes. In this thesis, simplified methods have been

developed to assess the structural integrity of heat exchangers.

Most of the methods suited for Plate-Fin Heat Exchanger could be verified. Due
to the lack of examples in literature and suitable FEM analyses, some assessment
methods could not be verified. A plausibility check as well as sensitivity studies
regarding these methods have been conducted. Overall, the derived methods capture
pressure and gravitational stresses well, but they are unable to adequately assess all
temperature stresses. On the other hand, the methods developed for Tube Bundle
Heat Exchanger have been validated and show good agreement with FEM analyses.
These methods cover both pressure and temperature stresses and provide a reliable

means for stress and lifetime estimation in accordance with industry norms.

The design driving failure mode for Plate-Fin Heat Exchangers depends on operating
conditions, lifetime, and assumed input variables such as transient overshoot factors
or lump sum stress amplitudes for HCF. Generally, the structural-mechanic design
driving failure mode for Plate-Fin Heat Exchanger is HCF, while LCF becomes more
dominant for higher plate stresses. However, static strength is not considered design-
driving for the investigated boundary conditions and material. For Tube Bundle
Heat Exchangers, the design driving failure mode is creep for large lifetimes, high
wall temperatures, and high pressure differences. LCF can become design-driving for
large transient stresses, while HCF is significant for high stress amplitudes. Yielding
is the dominant design driver for lower lifetimes, wall temperatures, and pressure

differences.
The influence of various parameters on the behavior of the failure modes has been

investigated. Corrosion is one of the most critical failure modes due to its significant

impact on mass due to the additional required wall thickness. If one wants to avoid
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the additional wall thickness, protective coatings or other constructive measures can

be developed.

In Plate-Fin Heat Exchanger, the stress in the plate can be reduced by increa-
sing the plate thickness and/or fin density. Increasing the plate thickness is more
mass-efficient while increasing the fin density offers thermodynamic benefits such as
increased heat transfer area. The static stability, including buckling under compres-
sion and rupture under tension, can be improved by using thicker fins or a higher

fin density.

In a Tube Bundle Heat Exchanger, the stress levels can generally be decreased by
increasing the tube thickness, reducing the bend radius, and/or decreasing the in-
ner diameter. Decreasing the inner diameter is the most mass-efficient option but
is limited by manufacturing and fluid dynamic considerations. Increasing the tube
thickness leads to lower resulting stresses while increasing mass. Changing the bend
radius reduces stress concentrations in the tubes but increases the fin height, resul-
ting in significant mass and overall dimension changes. However, if the overall fin
height is predetermined and tube specifications are already set, changing the bend

radius can be a viable solution to address higher-than-expected stresses.

Overall, this thesis provides valuable insights into the failure modes and design
considerations for Plate-Fin Heat Exchanger and Tube Bundle Heat Exchanger. The
developed methods and findings can serve as a foundation for further research and

optimization in the design and structural integrity assessment of heat exchangers.

6.2 QOutlook

Overall, the methodology presented in this thesis provides a solid assessment of the
structural-mechanical aspects of heat exchangers. However, there are several areas

that require further investigation and improvement.

Further work is required to accurately assess temperature stresses in the Plate-Fin
Heat Exchanger. The effect of two-dimensional temperature fields on the resulting
stresses needs to be assessed more thoroughly. The accuracy of the LCF calculation

method needs to be further investigated, e.g., by using identical material data for the
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methods derived in this thesis and industry data. In addition, input parameters such
as corrosion rates, transient stresses, and vibrational stresses should be investigated
and determined more accurately. These parameters have a significant impact on the
performance and lifespan of the heat exchanger and should be properly accounted

for in the assessment.

To further verify the methods used in this thesis, FEM analyses can be utilized,
potentially by employing the so-called homogenization method. This will also provide
a more detailed and comprehensive understanding of the structural characteristics

of the heat exchanger.

As corrosion is one of the most critical failure modes, the development of proper
protective coatings, which can be used in heat exchangers, is required. If corrosion
is expected in a certain area, this area could be made of a more corrosion-resistant
material, like zirconium. Further research has to be conducted on the combination

of different materials in one heat exchanger.

Erosion, which can lead to significant reductions in material thickness, was not
assessed in this thesis. Developing proper assessment methods for erosion that can
be used in the preliminary design stage is necessary to ensure the integrity over the

whole lifetime of the heat exchanger.

Furthermore, while this thesis is focused on the major components, such as plates or
tubes, it is important to investigate other components, such as headers or nozzles,
separately. These components may experience higher stresses and require specific

design considerations.

Interactions between different disciplines, including thermodynamics, structural me-
chanics, and fluid dynamics, play a significant role in heat exchanger design. This
thesis primarily focused on the structural-mechanical aspects, but a multidisciplina-
ry integration of all domains is crucial for a holistic assessment of heat exchanger

geometry and further studies.
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