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Kurzfassung
Hybride Werkstoffe und Faserverbundwerkstoffe kommen vermehrt bei Verkehrsmit-
teln zum Einsatz und treiben den strukturellen Leichtbau voran. In dieser Ar-
beit wird ein Verbundwerkstoff aus einer Aluminiummatrix untersucht, welche mit
Stahldrähten verstärkt ist. Um dessen strukturmechanisches Verhalten zu erörtern
wird eine Materialcharakterisierung durchgeführt, Modelle parametrisiert und ex-
perimentell verifiziert. Mit hochdynamischen Impaktversuchen werden Simulations-
modelle validiert und das Strukturverhalten auf Bauteilebene analysiert. Zukünftig
zu erwartende Fortschritte in der Werkstoffgestaltung werden simuliert und bewer-
tet.

Abstract
Hybrid and fiber reinforced materials are increasingly applied in modern vehicles
and advance lightweight design. This work investigates on a composite material
composed of an aluminum matrix reinforced with steel wires. In order to assess its
structural-mechanical behavior, the material is characterized, material models are
parametrized and experimentally verified. Simulation models for the analysis of the
structural behavior are validated using highly dynamic impact tests and prospective
progress in the material technology is evaluated by numerical simulation.
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1. Introduction
High-performance composite materials such as carbon-fiber-reinforced plastics have
found their way from a vast utilization in the aerospace sector (Airbus A350, Boeing
787) into the consumer market (bicycles, rackets) and eventually the automotive sec-
tor (BMW i3). The combination of strong and stiff carbon fibers with a ductile and
lightweight polymer matrix leads to a hybrid material with superior mass-specific
stiffness and strength. This serves as a good example for a hybrid material which
combines strengths and eliminates weaknesses of its constituents such as almost no
compressive resistance of the fibers and low strength and stiffness of the polymer
matrix.
Using a metal matrix instead of a polymer matrix results in a metal matrix com-

posite (MMC) with much less commonly known applications [73]. One example is
glass laminate aluminum reinforced epoxy (GLARE) for airplane fuselages which is
mainly used for its good impact resistance. Some advantages of a metal matrix over
a polymer matrix aside from a better impact tolerance are also a low susceptibility
to moisture and a possible use at higher operating temperatures. In the automotive
sector, a common use of MMC are aluminum pistons and cylinder liners which are
reinforced with silicon carbide particles and carbon fibers in order to increase the
wear resistance [70].
Within the collaborative research center Transregio 10 (TR10), which is funded

by the German Research Foundation (DFG), an aluminum matrix reinforced with
high-strength steel wires is discussed for applications in the automotive and avi-
ation sector. The material was shown to possess increased stiffness and ultimate
tensile strength (UTS1) [124] as well as better fatigue life [43, 77] compared to the
non-reinforced aluminum alloy. Being produced in a composite extrusion process,
lightweight extruded car frames for small batch series or stringers for aircraft fuse-
lages [43] or train coaches are possible applications for this MMC.
Considering extruded and reinforced aluminum sections as load-bearing, struc-

tural elements for the transportation sector, their behavior at crash events must be
known and, therefore, will be investigated in this thesis.

1.1. Motivation
Over the last decades, the safety of vehicles has been drastically improved via a
multitude of protection systems which assist the driver at driving safely and actively

1UTS: the UTS is the highest measured force during a tensile test divided by the initial cross
section area of the tensile specimen
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help avoiding accidents. Despite the fact that the percentage of fatal accidents is
continuously decreasing [113], a total prevention probably will never be reached.
Therefore, measures of passive safety need to be further improved, which protect
the vehicle‘s occupants. They can be summarized as [17]:

• seatbelts
• airbags
• safety cell (occupant cell)
• energy absorption in ”crumple zones”

During a crash, the safety cell has to withstand the occuring loads, while the de-
formable zones have to dissipate the kinetic energy of the crash. In the car’s front-
end, special absorbing structures crumple at designed force levels and convert the
kinetic energy into deformation energy. Deformation zones in an aluminum frame
structure of a lightweight electrical vehicle are shown in figure 1.1(a) with special
crash tubes in the front- and rear-end. A circular crash tube after deformation can
be seen in figure 1.1(b).
As the energy dissipates mainly by plastic deformation, a high energy absorption

can be reached with materials having a high strength and a high ductility (i.e. high
ability of deformation prior to fracture). However, for most conventional metallic
alloys strength and ductility are opposing properties, meaning that an increase in
strength leads to a decrease in ductility. Improvements can be reached by using
new materials like advanced steels, fiber-reinforced-plastics and other, hybrid ma-
terials. Advanced steels are for instance transformation-induced plasticity (TRIP)
and twinning-induced plasticity steels (TWIP), which offer high strength and high
ductility, as well as complex-phase (CP) and dual-phase (DP) steels, which combine
a high UTS with a low yield strength and good formability. Fiber-reinforced-plastics
in contrast, rely on a high strength and brittle fracture processes for energy absorp-
tion.
During the design of energy absorbing structures, aside from a structural–mecha-

nically sound concept, further aspects of lightweight design have to be considered
like manufacturability, cost-effectiveness, electro-chemical and thermo-mechanical
compatibility and ecological footprint. One promising hybrid material for crash
energy absorption is steel-wire-reinforced aluminum (SWRA), since it offers an in-
creased UTS in comparison to non-reinforced aluminum, while at the same time
preserving good ductility. Many further properties amount to the energy absorption
of a material, e.g. strain-rate sensitivity, material failure and fracture and overall
elasto-plastic behavior. This research, therefore, characterizes SWRA and analyzes
structure–related specimens made of non-reinforced and steel-wire-reinforced ex-
truded aluminum sections with respect to fracture behavior and response to dynamic
impact loading. With experimental studies and numerical simulations, the crash-
worthiness is assessed and recommendations for a further development of SWRA
are given.

The composite extrusion process for the production of SWRA was investigated
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Crash tubes

Deformation structure
Safety structure
Chassis structure

(a) Deformation structures in the Lightweight Extruded
Aluminum Frame (“LEAF”) with front and rear cir-
cular crash tubes [122]

(b) Circular crashtube after axial
crushing

Figure 1.1.: Lightweight extruded aluminum car frame with circular crash tubes and
progressive buckling of the crash tube

in the collaborative research center Transregio 10, which constitutes the scientific
framework of this research.

1.2. Scientific framework - the collaborative research
center Transregio 10

The collaborative research center Transregio 10 investigates the integration of for-
ming, cutting and joining for the flexible production of lightweight frame structures.
Aspects of design, construction and production with extruded sections are treated
by nearly 20 subprojects with researchers from three cooperating universities: Karls-
ruhe Institute of Technology, TU Dortmund University and Technische Universität
München. Two main targets are the automation and the flexibilization of the fab-
rication of lightweight frame structures, used for instance in aircraft fuselages or in
car body structures. Forming of the extruded sections, cutting into defined length
and joining are conventionally separate manufacturing operations which make the
production of lightweight frame structures inefficient for mass production. Within
TR10, an integration of these manufacturing steps into one manufacturing chain
was reached, allowing for a time and cost-efficient production of extruded sections.
A further novelty is a three-dimensional bending of the extruded sections into

final shape, which is performed directly after extrusion, with the sections still in a
hot state. This reduces the stresses during bending tremendously compared to a
conventional cold bending process. Consequently, manufacturing forces and shape
distortion reduces. The sections can subsequently be cut into defined length, posi-
tioned and joined, as well as quality controlled in one line of manufacture [20]. This
leads to a high flexibility of the production line in terms of varying lot sizes, product
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(a) Composite extrusion process for the produc-
tion of SWRA [133]
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(b) Extruded reinforced aluminum section

Figure 1.2.: Composite extrusion process and extruded SWRA section

variety and rapid manufacturability. Further aspects of flexibilization are an in-line
variation of wall thicknesses of the extruded sections during extrusion and the in-
troduction of functionalizing or reinforcing elements into aluminum or magnesium
matrices. The hybridization is performed during extrusion with no further joining
steps necessary, which is beneficial in regard to short production cycles. This is ac-
complished using a composite extrusion process shown in figure 1.2(a), which feeds
the modifying elements to the matrix in the extrusion die.
Varying the content of reinforcement, the mechanical properties of the extruded

section can be adjusted and intelligent designs of the extrusion die allow for selective
reinforcements. The composite extrusion process of TR10 leads to heterogeneously,
but continuously wire-reinforced metal matrices as shown in figure 1.2(b). Aside
from reinforcing elements, functionalizing elements like insulated cables as electrical
conductors or fiber-optic sensors for structural health monitoring may be embedded
into extruded sections. Insulated cables were already successfully inserted and used
for the electrical supply of LEDs [59].
As reinforcing elements, high-strength metallic wires and cables, ceramic wires

and carbon-fibers were successfully integrated and the resulting hybrid materials
were analyzed. The combination of high-strength austenitic steel wires (material
number 1.4310 (SS301)) with a ductile aluminum matrix (EN AW-6060T4) was
found as a promising combination with respect to mechanical properties and cost-
effectiveness [124]. The resulting hybrid material is the herein analyzed SWRA.

1.3. Outline of the thesis
During the course of TR10, a multitude of investigations on the material and struc-
tural behavior of SWRA were successfully carried out. Chapter 2 sums up the state
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of knowledge of SWRA with a focus on those findings, which are vital for the under-
standing of the further conducted research with respect to the structural response
during dynamic impacts, high strains and fracture.
With respect to this special load case of dynamic impact, chapter 3 provides the

theoretical framework for the mathematical description of material plasticity includ-
ing strain rate sensitivity. The parameters of the plastic material models for SWRA
are further determined experimentally. As material failure and fracture processes
dominate the structural behavior of many structures during crash events, special em-
phasis is placed on a physically meaningful description of the material’s failure and
fracture in chapter 4. This is done by subdividing the fracture behavior of SWRA
into failure initialization and final fracture of its constituents. For the aluminum
matrix, a shear-modified Gurson fracture model is discussed and parametrized. A
failure model of the cohesive interface is based on interface normal stresses; the frac-
ture of the steel wire is modeled with a strain based fracture criterion including a
description of material softening. The validity of this modeling approach is checked
based on experimental testing with tensile specimens. Moreover, parameter studies
clarify the effect of a theoretically increased interface strength and increased fracture
strains of the wire in order to identify future potential of SWRA.
In chapter 5, the material model is subsequently validated with the help of bolt-

pull-out tests which offer a complex load case with several fracture modes. A good
agreement with simulated data in terms of force–displacement curves and predicted
fracture modes proves the validity of the material model and the simulation tech-
nique. The bolt-pull-out tests also help to identify weaknesses and strengths of
SWRA for pin–joint connections in terms of reinforcing and crack arresting effects
of the steel wires. Further studies concern the capability of energy absorption of
SWRA during crash events. Two representative crash-energy absorbing structures
are considered: an axial crash tube as it is found in the front-end of cars or in train
bumpers, and a reinforced hollow section representing a simplified B-pillar under a
bending impact load. For the latter example, drop tower tests provide experimental
data at high strain rates and, as for all herein conducted experiments, samples of
non-reinforced aluminum serve as reference for comparison.
Chapter 6 gives a prediction of further attainable performance of SWRA by means

of numerical simulation. Therefore, three possible improvements for a future SWRA
are assessed. Firstly, effects of a higher interface strength, secondly, a higher wire
volume content and lastly the use of an aluminum matrix with higher strength (EN
AW-6082T6) are evaluated.
A conclusion on the findings is drawn in chapter 7.
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2. Basic elasto-plastic properties of
steel-wire-reinforced aluminum
(SWRA)

This research benefits from numerous previous investigations on the topic of hetero-
geneously reinforced aluminum extrusions. A summary and discussion of previous
findings on the material properties of SWRA is given in the following and is com-
plemented with additional own analyses. The topics of basic material properties as
stiffness, strength, ductility and fracture behavior are covered, as well as influences
of the extrusion process on the mechanical properties of extruded sections. The
state of knowledge is discussed, mainly with respect to aspects of crashworthiness
of SWRA.

2.1. Structural stiffness
Young’s modulus of an unidirectionally wire reinforced (MMC) in wire direction is
calculated by rule of mixture [58],

E‖ = Ew · φw + Em · (1− φw) , (2.1)

with the wire volume content φw and the Young’s moduli Ec, Ew and Em of the
composite, the wire and the matrix, respectively.

Hill [47] showed, that equation (2.1) gives a lower boundary for the composite’s
Young’s modulus, as differing Poisson’s ratios of wire and matrix lead to a higher
stiffness. In addition, a perfect interface between wire and matrix is a premise,
guaranteeing equality of strains in wire and matrix. It can be deduced from equa-
tion (2.1) that for reaching a stiffening effect, the reinforcing wires must have a
higher Young’s modulus than the matrix itself.
Merzkirch [77], reports a good agreement between experimentally determined and

calculated Young’s modulus for the aluminum alloy EN AW-6082 with steel wires of
1.4310 at various wire volume fractions ranging from 1 to 25%. Weidenmann [124]
also confirmed the rule of mixture for the aluminum alloy EN AW-6060 with em-
bedded steel wires of 1.4310 and a wire volume content of 11%. Wedekind [121],
however, encountered a disagreement in theoretical and experimental modulus of
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more than 20% for specimens with a low wire volume content of 2%, which was at-
tributed to thermal residual stresses in the specimens. Wedekind [121] further tested
specimens with a higher reinforcement content which were in good agreement with
the theoretical prediction. The higher reinforcement content was reached — simi-
lar as in [77, 124] — by reducing the thickness of the matrix by milling or turning.
Wedekind [121] argues that the stresses on the composite, which are introduced by
the machining process, may have reduced or released the thermal residual stresses.
The issue of thermal residual stresses caused by the extrusion process, is adressed in
section 2.3. Their effect on the structural properties of SWRA sections is firstly not
considered in order to gain a more fundamental understanding of the composite.
As SWRA is an unidirectionally reinforced MMC, its stiffnesses are orthotropic,

which needs to be taken into account for construction tasks. Especially at intersec-
tions of extruded sections, stress states are multiaxial and the material’s Young’s
modulus perpendicular to the wire direction E⊥ must be known in order to pre-
dict and assess the response of the structure. This is done with the inverse rule
of mixture [73] with the assumptions of an elastic and isotropic behavior of matrix
and wire, as well as a rigid connection between them. Further, the wire must be
embedded centric with respect to the thickness of the matrix,

E⊥ = 1
φw
Ew

+ 1−φw
Em

. (2.2)

During the process of composite extrusion, the wires are positioned by the material
flow of the matrix. It can occur that the wires are shifted and not positioned
centrically. The arising thermal residual stresses then lead to a bending of the
tensile test specimens as shown in figure 2.1. In consequence, a uniaxial tensile test
can no longer be performed as an additional bending load is introduced. Therefore,
the measured Young’s moduli tend to be lower than the actual ones. Tensile test
data in table 2.1 of the specimens in figure 2.1 shows, how an excentricity of the
wire position affects the measured Young’s moduli. The curved specimens were cut
by waterjet cutting from the in figure 1.2(b) shown reinforced section. This was
done to exclude any influence on the specimens due to a heating during cutting.
A measurement of the curved specimens was done by Stöckl [106]. Test data of
non-curved specimens of SWRA with centric wires were taken from Wedekind [121]
and complemented with additional measurements. It can be concluded, that a
stiffening effect of a steel wire reinforcement is given and can be calculated by the
rules of mixture. This was confirmed for higher contents of reinforcement and other
aluminum matrices by [77, 121, 124]. During experimental determination of Young’s
modulus care has to be taken not to use specimens with excentric wires which lead
to a distortion of the specimen.

From a structural point of view, the stiffness of a structure is not only determined
by its material’s Young’s modulus, the geometric stiffness often plays a major role.
Designing a lightweight structure at a given stiffness with no further restrictions,
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(a) Tensile test specimen with wires parallel to tension direction and a visible distortion

(b) Cross section of the tensile spe-
cimen in a)

(c) Tensile specimen with wires perpendicular to tension di-
rection

Figure 2.1.: Tensile test specimens parallel and perpendicular to wire direction. Ex-
centric wires and thermal residual stresses lead to the in figure 2.1(a)
shown curvature

Table 2.1.: Determined Young’s moduli of tensile specimens in and perpendicular to
wire direction with centric and excentric wires
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Figure 2.2.: Ratio of mass-specific bending stiffness of SWRA and non-reinforced
aluminum, bending around x-axis

different densities of the materials must be taken into account. For the design task
of a bar under axial loading, whose weight should be minimized at a given stiffness,
the material with the highest mass-specific stiffness E/ρ is favorable [6]. The mass-
specific stiffness, however, remains nearly unchanged by reinforcing an aluminum
alloy with steel wires, due to similar mass-specific stiffnesses of aluminum matrix
and steel wire [77, 124].
This is different for a pure bending loading, where the higher modulus of the

wire is amplified by Steiner’s moment of inertia, which overcompensates the higher
density of the wire. Therefore, an increase in the mass-specific bending stiffness can
be reached. The calculated increase is given for the example of a reinforced double-T
beam and varying reinforcement content. The deriving equations for figure 2.2 are
given in appendix A.1. Figure 2.2 shows the ratio of mass-specific bending stiffness
of SWRA Sρ,SWRA to non-reinforced aluminum Sρ,Al depending on the wire content.
The mass-specific bending stiffness of the section here is defined as

Sρ = E · I
ρ
|section (2.3)

Since the increase in bending stiffness mostly results from Steiner’s moment of inertia
times the higher Young’s modulus of the wires, lanky sections profit more of a steel-
wire reinforcement than stubby sections.
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2.2. Structural strength
Most mechanical structures are designed to resist the loading in a way that the
arising strains stay in the elastic regime. If the material leaves the elastic regime
and plastifies, a premise of the structural layout is no longer valid and the structural
behavior is unknown. Plastification is critical for structural integrity, as it goes along
with a drastic decrease in the material’s stiffness. The stress at which the material
switches from an elastic behavior to a plastic behavior is called elastic limit or yield
strength Re .
Most aluminum alloys do not show an abrupt change from elastic to plastic behavior
as it is known for example from carbon-rich steel alloys (cf. Cottrell atmosphere).
It is rather a smooth transition from the elastic to the plastic state. This can be
explained by different orientations of the aluminum grains to the acting force, with
the favorably oriented grains first turning into plastic state (cf. Schmid’s law).
Therefore, it is necessary to introduce a technical yield strength, which gives the
stress at a given plastic strain. Commonly, the plastic strain is chosen as 0.01 % or
0.2 % with the corresponding yield strengths Rp0.01 and Rp0.2 , respectively. Rm is
the maximum engineering stress during an uniaxial tensile test. For most structural
design tasks, it is of less importance than the yield strength, since a plastification is
not admissible. It may, however, serve as an indicator for the material’s hardening
capability.
A representative stress–strain curve for SWRA with a wire content of 2 % and

the discussed stress limits are shown in figure 2.3(a) and compared to the stress–
strain curve of the non-reinforced matrix material. Both specimens were cut from
the extruded section shown in figure 1.2(b). This guarantees equal extrusion and
cooling conditions, allowing for a meaningful comparison.
In figure 2.3(a) four regions are marked which are typical for SWRA and generally

for unidirectionally reinforced ductile metal matrices. The following regions were
described by Kelly [58]:

I elastic deformation of matrix and wire
II plastic deformation of the matrix, still elastic deformation of the wire
III plastic deformation of matrix and wire
IV material failure and fracture.

Disregarding residual stresses, the yield strength of SWRA can be predicted knowing
the material properties of steel wire and aluminum matrix. Therefore, the theore-
tical model of Kelly [58] can be used for the elastic limit [121] and also predicts Rm
well [124]. Since the matrix plastifies first, the composite’s uniaxial yield strengths
Rp0.01 and Rp0.2 are determined by the stresses in the matrix by

Rpc = Ew · φw + Em · (1− φw)
Em

·Rpm , (2.4)
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with Rpc being the yield strength of the composite and Rpm being the yield strength
of the matrix.

As the steel wire is more brittle than the aluminum matrix, it reaches its UTS at a
lower strain than the matrix. Assuming that at the point that the wires reach their
UTS, the softening of the composite due to necking of the wires is higher than the
persisting strain hardening of the aluminum matrix, Rm of the composite can be
calculated as [58]

Rmc = φw ·Rmw + (1− φw) · σm′ , (2.5)

with the composite’s UTS Rmc , the wire’s UTS Rmw and the current stress in the
matrix when the wires reach their UTS σm′ .

Comparing the overall stress–strain curves of non-reinforced and reinforced alu-
minum in figure 2.2, the most striking change caused by a steel wire reinforcement
of only 2 % is a significant increase in Rm, which rises by about 30 % [81]. Overall
low yield strengths for the aluminum alloy are due to a missing heat treatment. Af-
ter extrusion, the sections were neither specially cooled nor heat treated (condition
"T4" [31]). A subsequent stretch-forming and precipitation heat treatment increases
the overall strength of the composite as shown by Hammers [43] for similar material
systems.
In contrast to a rising Rm, the elastic limit has decreased as can be seen in fig-

ures 2.3(a) and 2.3(b). Contradictory results are reported for the yield strength
Rp0.2 . Weidenmann [124] performed tensile tests at a higher reinforcement content
of 11 % and confirms an increase in Rp0.2 . Merzkirch [77] reports elastic limits for
a similar material system of a matrix of EN AW-6082 and wires of 1.4310 with a
reinforcement content ranging from 3.3 % to 25 %. Up to a reinforcement content
of 16 %, the elastic limit is decreasing, and increasing from 16 % on, which cannot
be explained by the model of Kelly [58]. This material behavior is explained by
the aforementioned thermal residual stresses [82] as further clarified in section 2.3.
The by equation (2.5) calculated Rm was for every reinforcement content in good
agreement with Kelly’s equation, showing a steady increase in UTS with increasing
reinforcement content [77].
For structural design tasks, it has to be considered that with a decreasing elastic

limit up to a wire content of 16 %, the elastic regime of SWRA is also shortened [77].
At stresses higher the elastic limit, the matrix plastifies and for further loading re-
sists with a greatly reduced tangent modulus. A lower boundary for the tangent
modulus in regime II is given by Young’s modulus of the reinforcing wires, assuming
ideal-plastic behavior of the aluminum matrix,

EII ≥ φw · Ew. (2.6)
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Whereas for most technically used alloys, the ratio of yield strength to elastic limit
Rp0.2/Re is close to unity, the ratio for SWRA is increasing with increasing wire
content. Normally taking Rp0.2 as limit stress and applying a safety margin, it can
be assured that the structure does not leave the elastic regime. Taking Rp0.2 as limit
stress for SWRA, one has to bear in mind that even with high safety margins a
plastification of the structure is likely. Therefore, it has to be individually assessed
whether this plastification can be tolerated.
For off-axis loads acting on SWRA, it is known from uniaxially reinforced materi-

als, that strength and stiffness towards the acting load decrease with increasing angle
α between acting load and direction of reinforcement. SWRA, therefore, performs
best for uniaxial loads in wire direction. However, multiaxial loading cannot fully be
avoided for any load case so that a failure criterion for structural strength analysis
is necessary. Wedekind introduced a mode-based failure criterion for SWRA which
takes three reasons for plastic behavior into account [82, 121], namely

• Mode I: Plastification of the matrix
• Mode II: Plastification of the wire
• Mode III: Debonding of the wire.

For SWRA with high elastic limits of the steel wire, failure mode II as one mode
of initial plastification is not observed. Mode I is dominant for loads in wire di-
rection, while for loads not acting in wire direction, mode I and mode III initiate
plastic behavior. For further information on the failure criterion, please refer to [121].

2.3. Influence of the extrusion process on the
mechanical properties

During the composite extrusion process, aluminum matrix and steel wires are joined
at high temperatures and at a high degree of deformation of the aluminum matrix.
A subsequent cooling or quenching of the extruded sections and a defined heat
treatment further alter the material properties, mainly of the aluminum alloy. The
heat treatment of extruded sections for aluminum alloy EN AW-6056 and aluminum
alloy EN AW-2099 with Nanoflex-wires and its influence on the material properties
is discussed in detail in [43]. This section concentrates on non-heat-treated sections
in favor of focusing on the issue of thermal residual stresses.

2.3.1. Influence of the extrusion process on the material’s
microstructure and strength

Schomäcker [102] investigated on the process temperatures measuring the tempera-
ture of the extruded section using video thermography. Directly after the extrusion
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(a) Stress–strain diagram for SWRA at a wire content of 2%, data
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Figure 2.3.: Stress–strain diagrams for SWRA with a wire content of 2% and for
the non-reinforced aluminum matrix material
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Table 2.2.: Determined elastic material properties (Young’s modulus E, Poisson’s
ratio ν) and CTE (CTE averaged for the cooling interval of 20◦C ≤ T ≤
260◦C)

Property E in MPa ν CTE in 10−6 K

Steel wire 197000 0.30 14.5
Aluminum matrix 66538 0.34 24.5

die, the temperatures vary from approximately 400 ◦C up to 550 ◦C, increasing with
the extruded length of the section. As the temperatures are higher than the re-
crystallization temperature of aluminum, the aluminum matrix dynamically and
statically recrystallizes during the process [57]. Due to different deformation grades
and cooling rates in the vicinity of the steel wire, the recrystallization leads to a
locally finer grain in the matrix (see figure 2.4(a)). This adds to an increase in the
matrix’s strength compared to the non-reinforced aluminum alloy [81]. By testing
the steel wires prior and after a heat treatment similar to the extrusion conditions,
Weidenmann [124] found that the extrusion process does not decrease the wire’s
strength. Therefore, it is reasonable to assume that the steel wires have approxi-
mately the same properties before and after embedding.

2.3.2. Thermal residual stresses

As the steel wire and the aluminum matrix possess different coefficients of thermal
expansion (CTE), the cooling leads to thermal residual stresses in matrix and wire.
In order to predict their magnitude, the CTE of aluminum alloy EN AW-6060 and
steel wire 1.4310 are calculated as mean values for the cooling interval during com-
posite extrusion. Data on the temperature dependent CTE of aluminum is given
by [94], data on the steel alloy 1.4310 stems from [79]. The elastic properties are
further extracted from measurements of [77, 132] and summarized in table 2.2. As-
suming a fully elastic, temperature-independent behavior and equal Poisson’s ratios
of wire and matrix, the thermal residual stresses can be calculated with a model of
two rigidly joined trusses [121].
According to this model, the stresses in the matrix are tensile stresses, the stresses

in the wire are compression stresses with the magnitude

σth,m = + φw · Ew · Em

φw · Ew + (1− φw) · Em
· (αth,w − αth,m) ·∆T (2.7)

σth,w = − (1− φw) · Ew · Em

φw · Ew + (1− φw) · Em
· (αth,w − αth,m) ·∆T (2.8)
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with αth,w being the CTE of the wires, αth,m being the CTE of the matrix and ∆T
being the temperature difference during cooling.

As soon as the thermally induced stresses exceed the elastic limit of either wire or
matrix, this model is no longer valid. For a material combination with the ther-
moelastic properties in table 2.2 and a cooling temperature of ∆T = 500 K, this is
the case for a wire content of φw ≈ 10 %. A further simplifying assumption of this
model is a homogeneous stress distribution in wire and matrix.
While the stress distribution in the wire is rather homogeneous due to its slen-

der geometry, the distribution in the matrix is inhomogeneous. Wedekind [121],
Morasch [82] and Weidenmann [124] simulated the cooling process determining local
stress concentrations around the wire with a partial plastification of the matrix.
The simulations assumed a temperature interval for cooling which starts with the
processing temperature of T ≥ 450◦C and ends at room temperature. The process-
ing temperature, however, lies above the temperature of recrystallization Trec of the
aluminum matrix and, thus, was chosen too high for a cooling simulation.
During recrystallization, the grains in the aluminum matrix are newly formed,

and a distortion due to thermal stresses is released [22]. Therefore, it is reasonable
to estimate an effective cooling temperature with the magnitude of the temperature
of recrystallization. As a rule of thumb, the temperature of recrystallization for pure
metals is

Trec ≈ 0.4 · TM (2.9)

where TM is the melting temperature in Kelvin.

However, the temperature of recrystallization for technical alloys varies with the
alloying elements. It varies further with the initial plastic deformation and with the
heating rate. This makes it very difficult to estimate a recrystallization temperature
for the extrusion process of SWRA. Since the residual stresses cause a reduction
of the elastic limit, coupled thermo-mechanical finite element simulations of tensile
specimens with residual stresses were made and the effective cooling temperature
was assessed as Trec ≈ 260◦C.
The resulting longitudinal stresses (in wire direction) in the matrix at a wire content
of 2 % are shown in figure 2.4(b), taking temperature dependent Young’s moduli,
plastification and CTE of matrix and wire into account. The data on temperature
dependent material properties of matrix and wire is summarized in appendix A.2.
As can be seen from figure 2.4(b), the stress distribution in the matrix is non-

uniform with mainly tensile longitudinal stresses in the matrix, as predicted by
equation (2.7). Yet, compressive stresses are found at the wire-matrix interface.
The compressive stresses were also experimentally determined by [124]. The stress
magnitudes are restricted to the elastic range of the matrix, so that no plastification
occurs. For higher wire volume contents, the longitudinal stresses exceed the elastic
limit of the matrix, so that a partial plastification occurs. This leads to a reduced
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Figure 2.4.: Micrograph of SWRA in the vicinity of the reinforcing wire and sim-
ulated distribution of longitudinal residual stresses in the aluminum
matrix (2% wire content)

Young’s modulus, as the plastified regions of the matrix resist with a low plastic
modulus to further longitudinal straining. The simulation predicts this effect for
the given material combination for wire contents of φw ≥ 13 %.
An experimental determination of the stress state in the matrix had been deter-

mined by neutron scattering experiments [124, 133], however, the stress magnitudes
are uncertain due to a non-uniform grain size [133]. The strain state in the reinforc-
ing wire at a wire content of 2% was measured with neutron scattering experiments
and simulated by FEM [100, 133]. The measurements showed a longitudinal stress
component between -1175MPa and -1100MPa, whereas the FEM-results gave a
longitudinal component of only −420 MPa. A possible explanation for this big dif-
ference is given by the microstructure of the steel-wire, which consists mainly of
the two phases austenite and martensite, which may give misleading measurement
results. The simulation does not consider the microstructure of the wire and gives
averaged results, whereas the measurement gives different values, which depend on
the phase that was measured. Based on the longitudinal stresses in the wire and an
equilibrium of forces, an average longitudinal tensile stress in the aluminum matrix
lies between 8.42MPa and 23.5MPa. These values agree well with the simulation
results in figure 2.4(b) and reductions in the elastic limit of the composite reported
by [82, 132].

2.3.3. Effects of thermal residual stresses on structures of
steel-wire-reinforced aluminum

As the elastic limit of SWRA in pure tension is defined by the elastic limit of the
aluminum matrix, the dominating tensile prestress in the matrix lowers the compos-
ite’s elastic limit in tension. This was experimentally observed by [77, 82, 121] for
a wire volume content of 2%. A higher wire content lowers the composite’s yield
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stress and, therefore, shortens the elastic region I [77] (see figure 2.3(a)) and it may
even vanish completely for high wire volume contents [43].
Merzkirch [77] reports tensile test data with wire contents up to 25% and a con-

stant increase in the elastic limit from a wire content of 11% on. This is contradic-
tory to the thermal residual stresses in the aluminum matrix which increase with
the wire content. A possible explanation can be found in the production process
of the specimens used by Merzkirch [77]. An increased wire content was reached by
extruding sections with a wire content of 2%. Subsequently, the matrix was milled
down in order to get specimens with a higher wire content. However, the mechanical
treatment is likely to influence the stress state in the specimen. Moreover, the resid-
ual stresses depend on the wire content during cooling (equations (2.7), (2.8)), so
that the stress state in milled down specimens is not fully comparable to the stress
state which arises in a transient cooling of a specimen with higher wire content.
In case of compression in wire direction, the elastic limit is increased [75], so that

SWRA shows a strength–differential effect. An increased Young’s modulus of SWRA
compared to the non-reinforced matrix, for tensile loads, thus, can only be used un-
til the stresses reach the reduced elastic limit σyc . For compressive axial loads, in
contrast, the elastic region I is extended. This behavior is particularly interesting
for axially compressed struts and trusses. The increased stiffness adds to the buck-
ling resistance and the in compression extended yield limit postpones the onset of
plastification.
The critical buckling stress is given by

σcrit = π2 · E
λ2 , (2.10)

with the slenderness ratio λ,

λ = β · l ·
√
A

I
. (2.11)

β here is a parameter for the considered Euler buckling case, l is the length of the
truss, A is its cross section and I is its relevant area moment of inertia.

Using the elastic material data given in table 2.2, a reinforcement of 2% leads
to an increase in Young’s modulus and, therefore, an increase in critical buckling
force of approximately 4%, when comparing to a truss of non-reinforced aluminum.
For a compact, axially compressed truss, failure due to plastification sets in before
the critical buckling load is reached. For the wire content of 2%, the yield limit in
compression σyc is increased from 60 MPa for the non-reinforced matrix to 80 MPa
for SWRA. This equals an increase of about 30%.
A summarizing scheme of the effects of thermal residual stresses on SWRA is

given in figure 2.5(a). A graph of the critical compression stress depending on the
slenderness ratio is given in figure 2.5(b) and shows the benefits of a steel wire rein-
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Figure 2.5.: Effects of thermal residual stresses on the compressive failure behavior
of SWRA

forcement with 2% wire content with respect to the non-reinforced aluminum alloy.
Further benefits from a steel-wire reinforcement for controlling a local buckling or
progressive buckling modes were not found [7].
Using SWRA in crash absorbing structures, no relevant decrease of the mate-

rial’s crashworthiness due to thermal residual stresses is probable. With usually
high strains arising during crash events, the residual stresses are released by plasti-
fication of the material and do not further influence the plastic yield behavior. The
initial prestress is further at a low level of prestrain, so that a significant reduction of
the material’s ductility does not occur. For a first estimation of the crashworthiness
of structures made from SWRA, previous investigations on the fracture behavior of
the material are discussed in the following.

2.4. Investigations on the suitability of SWRA for
energy absorbing structures

Many previous analyses, albeit not focusing on the crashworthiness of structures
made of SWRA, allow insight on the fracture behavior of SWRA. The resistance to
fracture is one keypoint to a crashworthy structure, and, therefore is discussed in
this section.
Crashworthiness does not directly translate into one exclusive material property,

as many structural properties amount to a crashworthy structure. For the example
of an axially compressed crash tube, which is often used as a crash absorber in the
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crumple-zone of a car, its geometry, its folding behavior, the robustness of the folding
pattern and many other, non-material related properties determine the absorbed
energy [2, 53]. Focusing on material properties, the kinetic crash energy is converted
into strain energy which is

U =
∫
V
σ : ε dV (2.12)

with the stress tensor σ and the strain tensor ε.

It can be deduced, that high strains at a high level of stress translate into a high
energy absorption. A late onset of material failure and fracture is necessary to
reach and sustain high stress and strain levels. The theoretical increase in ultimate
strength was discussed in section 2.2 according to the model of Kelly [58] and was
experimentally confirmed for SWRA by Weidenmann [124]. For a wire content of
2%, the ultimate strength is increased by about 30%, which is promising for a high
energy absorption. This increased stress level must be accompanied by high bear-
able strains, so that a benefit in terms of energy absorption results.
The reinforcing wire, however, possesses a fracture strain of only about efr ≈ 1.8 %,

so that despite its high tensile strength, the strain energy until fracture is relatively
low. The wire fails — in non-embedded state — due to necking and subsequent
fracture. Embedding the wires into the aluminum matrix results in a tremendously
increased fracture strain of the wires to approximately efr > 20 % (see figure 2.3(a)).
Piehler [90] attributes the increase in fracture strain to a lateral restraint which the
matrix applies on the wire and, thus, keeping it from necking and subsequent ductile
fracture. This was confirmed by [81] by means of FEM simulation of the interface
stresses during axial straining of SWRA.
Based on the tensile test results of non-reinforced matrix and SWRA in figure 2.3(a),

a comparison of the strain energy until fracture at pure axial tension is possible. Al-
though pure tension is certainly not a representative load case for crash events, it is
the load case at which SWRA benefits most of the reinforcement. A comparison of
the strain energy until fracture can, therefore, indicate the suitability of SWRA for
energy absorption. In addition, tension transversal to the reinforcement direction is
known as a load case provoking early fracture for unidirectionally reinforced com-
posites and, therefore, exposes how critical loads influence the capacity for energy
absorption of SWRA.
Test specimens were taken from one extruded section similar to the one shown in

figure 1.2(b) so that the non-reinforced and reinforced aluminum specimens possess
equal extrusion and cooling conditions. For further information see also [106].
As measure for strain energy during the tensile tests, the engineering strain energy

density per unit volume is taken which is

U0 =
ẽ∫

0

sde (2.13)
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with the upper strain integration limit ẽ, the engineering strain e and the engineering
stress s.

A base length between two reference points on the specimens for strain measurement
was chosen and recorded using an optical measurement system1. For the tests in
wire direction, the gauge length is 15 mm, for the tests transversal to wire direction
it is reduced to 6 mm, as the width of the extruded section limited the specimen’s
width. The requirements of the standard specification2 for the geometry of the
transversal test specimens could, thus, not be met. The specimens’ geometries are
shown in figure 2.6(a).
Necking and fracture took place in all cases within the measurement length.

Due to the different measurement lengths, the test results in wire direction (in
0◦-direction for non-reinforced aluminum) and transversal to wire direction (in 90◦-
direction for non-reinforced aluminum) are only comparable up to the end of uniform
elongation eu. After onset of necking, the measured strains depend on the measure-
ment length, causing increased calculated strains for smaller measurement lengths.
The comparability between all specimens, thus, is given until uniform elongation eu
and after that only persists for the specimens of each direction. The results of the
tensile tests are shown in figure 2.6(b) and the resulting strain energy densities are
summed up in table 2.3.
Comparing SWRA in wire direction with the non-reinforced aluminum, it is ob-
vious that SWRA gains in strain energy density due to a higher strain hardening
capability. However, material failure by necking sets in earlier compared to the
non-reinforced aluminum matrix. The gain in strain energy density until uniform
elongation is at about 17%. After the onset of material failure, SWRA shows a
less ductile material fracture with a decreased fracture strain. The profit in strain
energy density is at a mere 5.4% compared to the non-reinforced aluminum.
Comparing the tensile test data transversal to wire direction with the non-re-

inforced aluminum in 90◦-direction, an early failure and fracture of the reinforced
specimen is striking. This is caused by an early debonding of the wire from the
matrix, creating a void in the material and leading to necking and fracture [106].
The strain energy density compared to non-reinforced aluminum is reduced by 62%
taking the uniform elongation as integration limit and by an overall 56.4% taking
the fracture strain as a integration limit. These values serve as a first indication of
the suitabilty of SWRA for crash energy absorbing structures.
Since material failure and fracture are local processes, the determined strain

energy densities until final fracture are less significant, than the values until uni-
form elongation. Nevertheless, the higher strain energy density until final fracture
points towards a higher fracture toughness of SWRA in wire direction, compared to
the non-reinforced aluminum alloy.
An obvious decrease in strain energy density during tension transversal to wire di-

1GOM Aramis
2DIN EN ISO 6892-1 [36]
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Table 2.3.: Comparison of strain energy density until uniform elongation strain eu
and until fracture strain efr for steel-wire-reinforced and non-reinforced
aluminum

Property SWRA wire
direction

ENAW-6060
0◦-direction

SWRA trans-
versal direction

ENAW-6060
90◦-direction

Strain energy
density until
eu in mJ

mm3

36.92 31.60 12.95 33.98

Strain energy
density until
efr in mJ

mm3

64.10 60.84 35.20 80.67

rection is typical for unidirectionally reinforced composites. Diez [30] showed, that
the failure and fracture strains for SWRA decrease with increasing tension transver-
sal to the wire direction, so that these load cases ought to be avoided for structures
of SWRA which are designed for energy absorption.
The previous analyses of SWRA are limited to quasistatic conditions. A crash

incident, however, is by definition a highly dynamic event. This goes along with
high strain rates in crash absorbing structures, which typically lie in the range of
ε̇ = 70..200 1/s [126]. The high strain rates have an influence on the material beha-
vior as they modify the strain hardening and fracture behavior. The results from
quasistatic testing can be taken as first indicators for the crash behavior of a struc-
ture albeit they do not replace analyses at elevated strain rates.
One standard test to determine the impact toughness of a material is the notch

impact test3. Weidenmann performed this tests at specimens of non-reinforced alu-
minum and SWRA with a wire content of 2.2% and a geometry according to the
DVM specimen of DIN 50115 [33]. With an impact speed of 5 m

s , the strain rate in
the specimen lies above the usual strain rates for crash events, yet, the test gives a
characteristic value for the material’s impact strength at highly dynamic impacts.
Weidenmann found an increase in notched impact strength for SWRA of 5.7..7.4 %,
which is in good accordance with the increase in strain energy density until fracture
in wire direction at the tensile test (ca. 5.4%). Further, a small dependence of
the notched impact strength on the surface-treatment of the steel wires prior to the
composite extrusion was encountered [124].

3Charpy-test according to DIN EN 10045 [35]
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3. Material models for dynamic
impact loading and parameter
identification

The experiments discussed in section 2.4 evaluate possible improvements in the
energy absorption of an aluminum alloy by steel wire reinforcement and give insight
into the mechanical behavior of SWRA. For a fundamental determination of the
behavior of structures made of SWRA subjected to impact loads, a thorough mate-
rial characterization must be completed. Based on this characterization, calibrated
material models and simulation models allow for a more general understanding of
SWRA and structures made of it.
This chapter first introduces basic theory for the mathematical material descrip-

tion for elasticity and plasticity. Subsequently, the experimental identification pro-
cess for each aspect of the material’s elasticity and plasticity is described in general
and for SWRA in particular. A determination of material failure and fracture pro-
perties is equally important and, therefore, is treated in detail in chapter 4.

3.1. Basic mathematical descriptions for the behavior
of ductile metals

Material characterization must be carried out with respect to the objective of the
analysis. For a purely elastic analysis of the material, the determination of linear-
elastic properties is sufficient. For high plastic deformations, an additional identifica-
tion of the material’s plastic behavior in terms of yield surface and strain hardening
is vital. If the plastic deformation is at high strain rates, a strain rate hardening
has to be anticipated.
For structures subjected to a crash event, a continuum description of the mate-

rial’s plasticity excluding failure must include

• elastic properties
• plastic properties as

– yield surface,
– strain hardening,
– strain rate hardening.

23



Before discussing these aspects of a material description, the used strains and stresses
need to be defined.

3.1.1. Measures of strain for infinitesimal and finite strains
Measuring strains and stresses, a manifold of strain and corresponding stress tensors
can be used. Thus, it is important to define the here used measures to ensure
comparability of the presented results. The theory on strain measures is kept as
brief as necessary and [38, 61] are recommended for further information.
Starting with the fundamentals of continuum mechanics and the description of

deformations, the shift of a point with coordinates X in undeformed state to a new
position with coordinates x in deformed state is either described by the displacement
vector u or the displacement gradient F [38]

x = X + u (3.1)

and

F = ∂x

∂X
. (3.2)

For the description of an elastic deformation with (infinitesimally) small strains, the
Green-Lagrange strain tensor E is calculated from F by [38]

E = 1
2
(
F TF − I

)
. (3.3)

with I being the identity matrix.

Using the continuous displacement field ũi acting on a three-dimensional body in
the i-dimension (with i=1..3), the Green–Lagrange strains are expressed by [61]

Eij = 1
2

(
∂ũi

∂xj
+ ∂ũj

∂xi
+ ∂ũk

∂xi

∂ũk

∂xj

)
. (3.4)

As the elastic strains are usually small, a linearization of the Green–Lagrange strains
is, in this domain, admissible and valid over a broad range of structural operational
conditions. As the linearization also includes a small-angle approximation, care has
to be taken for rotations. The then resulting linearized tensorial strain components
are

Elin
ij = 1

2

(
∂ũi

∂xj
+ ∂ũj

∂xi

)
. (3.5)

They correspond to the well-known engineering strains via

24



Elin
ii = eii and (3.6)

Elin
ij = 1

2γij, (3.7)

(3.8)

with eii being the diagonal components of the engineering strain tensor and γij the
shear components of it.

For finite strains of plastic deformations with comparably high deformations, usually
the logarithmic strains (Hencky strains) εlog are used [38]

εlog = −1
2ln

((
F−1

)T
F−1

)
. (3.9)

Using logarithmic strains offers some uniquenesses compared to other strain mea-
sures [15, 84], that are advantageous for high deformations as in crash incidents and
forming operations, which include the following:

1. additivity of coaxial strains
2. possible decomposition of the strain tensor in a volumetric and isochoric part
3. for isochoric transformation, the trace of the strain tensor is zero
4. compression and tension are symmetric, so that the strain arising from stretch-

ing by a factor δ is minus the strain resulting from a compression by 1/δ.

The first and the last listed advantages of Hencky’s strain tensor shall be briefly
examined, where property 2 and 3 are important for the formulation of yield criteria,
which are being discussed in section 3.1.3.
In order to visualize the property of additivity of coaxial strains, consider a rod

of length l0 being stretched to a final length l3. This shall be done in one step and
alternatively in three steps with two intermediate stretches to the lengths l1 and l2.

etot = l1 − l0
l0

+ l2 − l1
l1

+ l3 − l2
l2

6= l3 − l0
l0

. (3.10)

The total engineering strains for the three subsequent stretches are not equal to the
engineering strains that would arise for the one step stretch. Using the logarithmic
strain measure, the additivity of coaxial strains is proven by

εtot = ln
(
l1
l0

)
+ ln

(
l2
l1

)
+ ln

(
l3
l2

)
= ln

(
l1 · l2 · l3
l0 · l1 · l2

)
= ln

(
l3
l0

)
(3.11)

The symmetry of the strain arising from an equal compression and tension stretch
follows from the additivity of coaxial strains. Ensuring additivity, the logarithmic
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strain measure, therefore, is better suited to capture the influence of the strain
path on the final strain, particularly for high deformations. Their energy conjugate
stresses are the Kirchhoff stresses, which are equal to the Cauchy stresses for incom-
pressible material [55]. The Cauchy stress σ is defined as current force F divided by
current cross sectional area A

σ = F

A
. (3.12)

Determining the Cauchy stress is experimentally difficult as the current cross section
area must be known. Measuring the engineering strain e, a transformation of the
engineering stresses s into Cauchy stresses σ and of engineering strain to Hencky
strain ε is possible,

σ = s · (1 + e) (3.13)
εii = ln (1 + eii) . (3.14)

In order to make a clear distinction, the Cauchy stress is referred to as “true stress”
σ and the Hencky strain as “true strain” ε; engineering values are referred to as
“engineering strain” e and “engineering stress” s.

3.1.2. Isotropic elasticity
A mathematical description of isotropic elasticity is performed based on the Green–
Lagrange strains. The energy conjugated stresses to the Green–Lagrange strains
are the 2nd Piola–Kirchhoff stresses which are expressed using Kronecker’s delta δij
as [61]

σ
(2PK)
ij = E

1 + ν

(
Elin

ij + ν

1− 2νE
lin
kk δij

)
. (3.15)

or in an inverse notation [61]

Elin
ij = 1

E

[
(1 + ν)σ(2PK)

ij − νσ(2PK)
kk δij

]
. (3.16)

This shows that there is a unique relationship between strain tensor and stress
tensor for isotropic elastic deformations. Such a unique relation is no longer given
for plastic material behavior.

3.1.3. Plastic yielding
Reaching the elastic limit stress, the material starts to plastify. The change from
elastic to plastic behavior for materials without a clearly distinguishable yield point
is not at one definite stress but it is rather a smooth transition. It is common practice
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to take the technical yield strengths Rp0.2 or Rp0.1 as reference values for onset of
plastification, at 0.2% or 0.1% plastic strain respectively. Hecker [44] showed, that
this arbitrary choice of the yield point has consequences for the attributed material
behavior. Choosing the yield point at no offset plastic strain tends to result in a
more anisotropically predicted behavior, whereas higher admissible plastic strains
at the yield point tends to result in a more isotropically predicted behavior.
The transition from elastic to plastic behavior is described by the yield condition

Φ = σ − σy = 0 (3.17)

with Φ being the yield condition and σy being the chosen yield strength.

Generalizing this for arbitrary multiaxial stress state, leads to a yield condition of
the form

Φ = φ (σij)− φ0 = 0. (3.18)

φ (σ) is a general yield function with the stress tensor as argument and φ0 is the
chosen reference value depending on the yield function. The value of Φ determines
whether a stress state is still in the elastic regime (Φ<0) or causes plastic yielding
(Φ=0). Values of Φ > 0 are not admissible, as the stress state must stay on the
yield surface Φ = 0 for plastic yielding. For a polycrystal material, Bishop and
Hill [12, 19] showed, that the yield function is convex and the strain increment is
normal to the yield function. Demanding convexity of the yield function, further,
is necessary to ensure that the transition from one elastic state to another elastic
state does not cross the plastic regime and cause plastic yielding. Convexity allows
for the strain and strain increment to be decomposed into an elastic and plastic
part, and a separate consideration of elasticity and plasticity. Although a general
convexity of the yield function and normality of the strain increment are assumptions
and deviations can be found [12], they are commonly accepted and allow an easy
calculation of incremental plastic strains and stresses.
The yield function is then a potential for the plastic strain increments which are

calculated differentially for plastic yielding according to the associated flow rule

dεij = dλ ∂φ
∂σij

. (3.19)

The directions of the strain increments are given by the yield function and the mag-
nitude by the plastic multiplier dλ > 0. For a homogeneous convex yield function of
first degree, the plastic multiplier equals the associated equivalent strain εeq, which
is here chosen as the von Mises equivalent strain dλ = εeq [12]. The magnitude of
the strain increment is, therefore, given by a reference stress–strain relationship,
which is given by the strain hardening function (see section 3.1.4). The interrela-
tionship of strain hardening curve and yield function is visualized in figure 3.1. It
is customary to use the stress–strain relationship from uniaxial tension as reference
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Figure 3.1.: Interrelationship of yield function and strain hardening function

curve, although other reference stress states may be chosen.
The strain increment for an arbitrary, multiaxial stress state is then given by the

plastic work equivalence

dεeq = σijdεij

σeq
(3.20)

with the von Mises equivalent stress σeq.

3.1.3.1. Isotropic yield functions

Widely used isotropic yield functions φ (σij) are for instance the von Mises yield
function which relates yielding to the second invariant J2 of the deviatoric stress
tensor. In terms of principal stresses σ1 ≥ σ2 ≥ σ3 it is

Φ = (σ1 − σ2)2 + (σ2 − σ3)2 + (σ3 − σ1)2 = 2σ2
eq. (3.21)

It can be interpreted as a criterion for maximum elastic distortion strain energy [138]
or as maximum octahedral shear stress criterion [130]. It was originally proposed
as an approximation to Tresca’s yield criterion [12], which predicts yielding, once a
maximum shear stress stress τ13max is reached

Φ = σ1 − σ3

2 = τ13max . (3.22)

The yield surface of isotropic metals with body-centered cubic (bcc) and face-
centered cubic (fcc) lattices lies between the yield loci of von Mises and Tresca [12]
and Hershey’s yield function can be parametrized to fit experimental data by adapt-
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ing the yield function exponent m [45]. Hershey’s criterion can be seen as a genera-
lization of von Mises’ criterion

Φ = |σ1 − σ2|m + |σ2 − σ3|m + |σ3 − σ1|m = 2σmeq. (3.23)

It reduces to von Mises’ criterion for m=2 and m=4 and to Tresca’s for m=1 and
m→∞ [12]. The discussed isotropic yield functions are shown in figure 3.2 together
with a calculated yield locus for an isotropic fcc material based on a full constraint
model [12].

3.1.3.2. Orthotropic yield functions

Hundreds of yield functions have been formulated during the 20th century [129],
making a thorough discussion infeasible. A good overview is, nevertheless, given by
Życzkowsky [138] and also by Yu [129, 130]. This section is confined to three yield
functions frequently used in engineering practice: Hill’s “Hill’48” [46] and Barlat’s
“Yld’89” [14] as well as “Yld’91” [13] and discusses them for the description of plastic
yielding of extruded aluminum sections.
Due to the extrusion conditions, the sections exhibit an orthotropic plastic yield

behavior with three axes of symmetry. These are the extrusion direction x, the trans-
verse direction y and the normal direction z of the extruded product. Whereas the
isotropic yield functions are independent to the coordinate system, the orthotropic
yield functions must be expressed with respect to these axes of symmetry.
Von Mises proposed a general yield criterion for anisotropic materials [12],
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Aijklσijσkl = 1withAijkl = Ajikl = Aijkl = Aijlk, (3.24)

with the anisotropy coefficients Aijkl. Due to the symmetry condition of the stress
tensor, the number of coefficients reduces from 81 to 21.

Hill’s criterion Hill’1948 Hill [46] generalized the isotropic von Mises yield crite-
rion (3.21) to orthotropic conditions with F , G, H, L, M , N being the parameters
of orthotropy. The resulting criterion can be regarded as a special case to equa-
tion (3.24) [12],

F (σy − σz)2 +G (σz − σx)2 +H (σx − σy)2 + 2Lσ2
yz + 2Mσ2

xz + 2Nσ2
xy = σ2

eq. (3.25)

For plane stress conditions, its coefficients are determined from tensile tests at thin
sheet specimens in different orientations to the extrusion direction, making parame-
ter identification an easy process. It can be fully parametrized knowing the Lankford
parameters or r-values, [3]

rϕ = εw

εt
, (3.26)

which give the relation of plastic strain in width direction εw to plastic strain in
thickness direction εt for a given orientation ϕ to the extrusion direction.
For plane stress conditions and with principal stresses, the criterion is [10]

σ2
1 −

2r0

1 + r0
σ1σ2 + r0 (1 + r90)

r90 (1 + r0)σ
2
2 = σ2

eq. (3.27)

The simple experimental identification of the parameters contributes to the wide
use of Hill’s criterion in engineering practice. However, it is not suitable for most
aluminum alloys, since it cannot properly describe the behavior of plastic yielding.
Since aluminum alloys did not follow the predicted behavior by Hill’s criterion, their
behavior was termed anomalous behavior [128].
Having an average strain ratio of width to thickness strain r̄<1, it can be shown

by Hill’s yield criterion, that the yield stress in biaxial tension σb must not be higher
than the yield stress in uniaxial tension since [3]

σb

σ0
=
(1 + r̄

2

) 1
2
> 1 for r̄ < 1. (3.28)

A further anomalous behavior can be stated when looking at a case of pure tension
in transverse (90◦) -direction which gives [3]

30



σ0

σ90
=

√√√√r0 (r90 + 1)
r90 (r0 + 1) (3.29)

with the yield strengths σ0 and σ90 in 0◦-direction and 90◦-direction, respectively.
According to Hill’s criterion, a ratio of r0/r90 < 1, thus, demands that the yield
strength σ0 must be lower than σ90, i.e., σ0/σ90 < 1, which is not always given for
aluminum alloys. The considered aluminum alloy experiences the anomalous beha-
vior of equation (3.28) as seen in table 3.2. Thus, Hill’s yield criterion is not suitable
for further analyses.

Barlat’s criterion Yld’89 Barlat suggested a plane stress orthotropic yield func-
tion, which can capture the anomalous behavior and whose parameters can also be
identified by simple tensile test data [14]. It is refered to as Yld’89 and described by

Φ = a |K1 +K2|m + a |K1 −K2|m + c |2K2|m = 2σmeq, (3.30)

with

K1 = σx + hσy

2 , (3.31)

K2 =

√√√√(σx − hσy

2

)2

+ p2σ2
xy (3.32)

and

a = 2− 2
√

r0

1 + r0

r90

1 + r90
, (3.33)

c = 2− a, (3.34)

h =
√

r0

1 + r0

1 + r90

r90
. (3.35)

The remaining exponent m is chosen as m = 6 for bcc lattice and m = 8 for fcc
lattice similar as in Hershey’s function. For m= 2, Yld’89 reduces to Hill’48. The
remaining parameter p is chosen numerically by following procedure.
The r-value in each orientation ϕ to the extrusion direction can be expressed as [14]

rϕ =
2mσmeq(

∂Φ
∂σx

+ ∂Φ
∂σy

σϕ
) − 1. (3.36)

Using equation (3.36) and an experimental r-value for a direction ϕ is then used to
search for a parameter p, which gives the best prediction for the chosen experimental
r-value [67].
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Even though Barlat’s plane stress yield function is able to capture the previously
described anomalous behavior, it was found erroneous for the use with aluminum
alloys exhibiting high anisotropy [9]. Yld’89 was successfully used to simulate three-
point-bending tests of extruded, non-reinforced aluminum sections and performed
reasonably well [80]. As it is limited to plane stress conditions, it is not suited for
the use with SWRA, which has a non-planar stress state, particularly around the
steel wires.

Barlat’s six-component yield criterion Yld’91 For SWRA extrusions, the out-of-
plane stresses cannot be neglected, since the through-thickness strains are influenced
by the wires. In order to take three-dimensional states into account, Barlat intro-
duced a six-component yield criterion [13]. It operates on Hershey’s isotropic yield
function and is referred to as Yld’91,

Φ = |S1 − S2|m + |S2 − S3|m + |S3 − S1|m = 2σmeq, (3.37)

with the eigenvalues Sk (k = 1..3) of the stress deviator [s]

[s] =


cC−bB

3 hH gG
aA−cC

3 fF
sym bB−aA

3

 , (3.38)

with the Bishop–Hill abbreviations [19]

A = σyy − σzz, (3.39)
B = σzz − σxx, (3.40)
C = σxx − σyy, (3.41)
F = σyz, (3.42)
G = σzx, (3.43)
H = σxy, (3.44)

(3.45)

and the anisotropy coefficients a, b, c, f , g, h.
Knowing the yield strengths from several load cases, these coefficients are usually
determined numerically in a non-linear fitting process. Additional knowledge can
be introduced into the fitting process by using the associated flow rule (3.19) and
the corresponding yield strenghts. The r-values are, thereby, calculated depending
on the anisotropy coefficients and compared with the experimental r-values. Since
the yield function parameters are not directly defined by r-values or yield strengths,
the effort for parameter identification is higher compared to Hill’s yield function.
Wang [118] used the associated flow rule to calculate the anisotropy coefficients solely
depending on measured r-values, which is a direct and convenient approach for
parameter identification. For a simulated sheet metal forming process, the deduced
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yield function fit well. However, his formulae are erroneous, which was discussed
with the author. The formulae shown here are based on a revision by Wang [117],
which is in accordance with a calculation by Pfaffinger [88].
Using the associated flow rule and after a lengthy calculation, it can be shown

that [117]

r0 = 2c2 + ac+ bc− ab
2b2 + bc+ ab− ac

(3.46)

r45 = 9h2 − b2 − ab− a2

2b2 + 2ab+ 2a2 (3.47)

r90 = 2c2 + ac+ bc− ab
ab− bc− 2a2 + ac

(3.48)

rb = 2a2 + ac+ ab− bc
2b2 + bc+ ab− ac

(3.49)

(3.50)

or generally for an arbitrary angle ϕ to the extrusion direction

rϕ = 9sin (2ϕ)σxyh
2 − sin2 (ϕ) [2σxx (b2 + c2 + bc) + σyy (ab− 2c2 − ac− bc)]

σxx (2b2 + bc+ ab− ac) + σyy (ab− bc+ 2a2 + ac) −

− cos (ϕ) [σxx (ab− 2c2 − ac− bc) + 2σyy (a2 + c2 + ac)]
σxx (2b2 + bc+ ab− ac) + σyy (ab− bc+ 2a2 + ac)

(3.51)
These formulae may add to a simplification of the process of parameter identifica-
tion. Experimentally determining the out-of-plane parameters f and g, however, is
demanding so that often f = g = 1 has to be assumed.
The advantages of Yld’91 are a high flexibility due to six stress components and an

easy implementation to FEM code [9]. It can further be used with three-dimensional
volume elements unlike many other yield criteria, which are restrained to plane stress
conditions. Hence, it can for instance be used for the simulation of forming limits
with a three-dimensional model and volume elements, allowing for a precise repre-
sentation of geometrical imperfections in sheet metal as presented by [80].

3.1.4. Plastic strain hardening
As shown in figure 3.1, the amount of strain hardening is given by the strain har-
dening curve, which is usually taken from a tensile test. The multiaxial strain har-
dening is related to the uniaxial stress state by the plastic work equivalence (3.20).
It is, therefore, essential that the tensile test is performed at pure uniaxial tension.
Since elasticity and plasticity are considered by separate models, the strain is de-
composed into elastic and plastic parts.
The elastic part is often much smaller than the plastic part (for instance at for-
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Table 3.1.: Analytical strain hardening functions for the approximation and extra-
polation of experimental strain hardening data

Analytical function Hardening function

Ludwik (1909) [68] σeq = σy +K · εn

Hollomon (1945) [49] σeq = K · εn

Voce (1948) [114] σeq = σs − (σs − σy) · exp (−ε/ε0)
Swift (1952) [108] σeq = K · (ε0 + ε)n

Hockett–Sherby (1975) [48] σeq = σs − (σs − σy) · exp (− (N · ε)p)

ming operations) and can be neglected [95]. In cases that the elastic part cannot be
neglected, for instance with high strength steels with high ultimate strain εu, the
true plastic strain needs to be separated from the measured total strain according
to [37]

εpl = ln
(
l0 + ∆l
l0

− F

A0 · E

)
(3.52)

with the initial gauge length l0, the length in deformed state l and the initial cross
section area A0.

The experimentally determined relation between true stress σ and true plastic strain
provides data for the determination of the plastic strain hardening relationship.
However, the data becomes invalid after the onset of necking, which is at ultimate
strain εu, i.e. at maximum force. Beyond this point, the tensile specimen starts to
neck, the uniaxial stress state transforms to a triaxial stress state and can no longer
serve as a reference stress state. Therefore, the measured data must be extrapolated
for higher strains. In order to extrapolate the limited experimental data, analytical
functions are used. Table 3.1 lists some of the most popular functions.
While the fitted functions often closely approximate the experimental data, the

validity of the extrapolated strain hardening curve is uncertain. Figure 3.5(a) shows,
how different strain hardening functions lead to different extrapolations.

The uncertainty of the extrapolated data is problematic for the simulation of
processes with high strains as in forming operations or crash simulations. There-
fore, different approaches for the determination of the post-necking strain hardening
behavior are discussed in the following.

3.1.4.1. Experimental determination by compression testing

At tensile tests, a reduction of the specimen’s cross section and onset of necking
ultimately limit the validity of the data. For compression tests of small coupon-
specimens, necking does not occur and the strain hardening data is valid over a
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wider range. The specimen is compressed between two hardened plates, leading to
a stress state of uniaxial compression. Assuming an isosensitive1 behavior of the
material, the strain hardening data from uniaxial compression is equivalent to the
one from uniaxial tension.
A lubrication between specimen and compression plates is necessary to reduce

friction and keep the specimen from bulging out (also called “barreling”). This
would lead to an unknown state of stress, rendering the obtained data invalid.
Graphite and teflon lubricant sprays were found effective for the use with aluminum
coupons [11, 88]. Rastegaev [96] suggested a cylindrical specimen with lubrication
pockets for further reducing the friction and Taylor and Quinney [109] proposed to
perform gradual compression tests with an intermediate removal of the barreling
after each step. Both methods are able to reduce the barreling of the compression
specimens, however, the preparation of the specimens is tedious and the milling
process influences the mechanical properties of the specimen.
In order to test thin sheet material as in thin walled extrusions, a layered stack of

coupons is tested [41]. Lubrication on either sides of the single coupons helps redu-
cing friction and barreling. Since the compression specimens are stacked, care has
to be taken for orthotropic sheet, which has to be stacked according to its texture.
An experimental setup of a layered compression test is shown in figure 3.3(a) with
the stacked coupons prior and after testing in figure 3.3(b).

3.1.4.2. Experimental determination by the torsion testing

A further test method for cylindrical bars is the torsion test. A torsional momentum
M on a bar which is fixed at one end results in shear stresses τ and a distortion γ.
With the assumption of von Mises isotropy and homogeneity of the material, τ and
M relate by [62]

τ = 3M
2r2π

[
1 + 1

3M

(
γ
∂M

∂γ
+ γ̇

∂M

∂γ̇

)]
(3.53)

with the radius of the cylindrical bar r. Further assuming a Hollomon hardening
type [49],

τ = τ0γ
nγ̇m, (3.54)

the hardening function relates to the measured hardening parameters by [91]

σ = 3(1+n+m)/2τ0ε
nε̇m. (3.55)

With a torsion test, high strains can be reached easily without material failure. Ap-
plying additional compression in the direction of the axis of distortion, the material
can withstand even higher strains [21]. Yet, the assumptions of von Mises isotropy
and a Hollomon type hardening make it a rather inaccurate method for assessing

1an isosensitive material does not change in behavior, if the sign of all stress components is
changed simultaneously [12]
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the real strain hardening. Lange [62] points out that if the material has a Tresca-like
yield locus an error in yield stress of up to 24% results thereof. And Pöhlandt [91]
argues, that the uncertainty due to the assumption of the validity of the Hollomon
hardening is even higher than between a von Mises and Tresca isotropy [93].
In spite of these uncertainties, the torsion test is suitable for the determination of

the strain rate sensitivity of a material. This is due to the fact that the calculation of
the strain rate sensitivity is independent of the mentioned uncertainties. For sheet
material or thin extruded material, a modified torsion test can be done under plane
torsion [93].

3.1.4.3. Correction methods for the strain hardening determined from
post-necking tensile test data

Torsion tests as well as compression tests are both capable of experimentally deter-
mining the strain hardening data for a wide range of strain, without losing validity
due to failure or fracture of the specimen. They are, however, difficult to conduct
and to analyze. Particularly the torsion test suffers of uncertainty of the determined
data. The ordinary tensile test remains the easiest way to gain reliable data and
standardized specimens allow for a direct comparison of tensile test data.
After onset of necking, the strains in the neck reach high values due to strain

localization, however, the recorded data is invalid, since the current cross section
area and the stress state is unknown. Several approaches have been made to use the
post-necking test data and extend the significance of tensile test. They are briefly
discussed in the following.

Bridgman correction Bridgman [21] recorded the radial-symmetrical neck in cylin-
drical specimens and derived the stress state after onset of necking, assuming a von
Mises isotropy of the material. He then managed to deduce a correction formula
for cylindrical specimens, which allows for the use of the post-necking tensile test
data for the determination of the strain hardening curve. With optical measure-
ment techniques, it is, nowadays, fairly easy to constantly record the shape of the
neck in cylindrical specimens. However, flat specimens are generally preferred, as
flat sheet and thin extruded sections are unfit for the machining of cylindrical spe-
cimens. Bridgman also suggested a correction formula for flat specimen with the
assumption of an infinitely wide specimen in order to avoid boundary effects [21].
This assumption does not hold true for flat specimens of finite geometry, which
show a pronounced inhomogeneous flow in width direction also called “cushioning
effect” [26].

Inverse FEM approach FE-based approaches offer a simple and versatile method
for the determination of the strain hardening curve, based on simple tensile tests.
The geometry of the specimen is not bound to a cylindrical shape and many yield
loci and strain hardening functions can be considered. Determining the real strain
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hardening curve is based on an inverse FEM approach [26, 116, 131, 136], which
compares simulated and experimental stress–strain curves or force-elongation curves
and iteratively changes the material input parameters for the simulation until an
agreement of simulated and experimental data is reached. A general scheme of the
procedure is shown in figure 3.4.
If orthotropic yield loci shall be considered, an assessment of the yield behavior

must be done prior to the inverse FEM determination of the strain hardening curve.
Special care has to be taken to ensure a fully converged discretization of the FE
model. Otherwise, the results are mesh-dependent and do not reflect the true strain
hardening. As input parameters for the simulated strain hardening curve, polyno-
mial functions [116], piecewise-linear functions [136] or analytical strain hardening
functions [26] are reported. The approximating function must be monotonically in-
creasing and smooth, which is ensured by the discussed analytical strain hardening
functions in table 3.1, yet not automatically assured by piecewise-linear or polyno-
mial functions. With an iterative fitting, the process can be tedious and the quality
of the determined strain hardening function depends on many factors including mesh
convergence as well as the approximating function and yield locus chosen.

Constrained fitting approach In order to improve the quality of extrapolated
strain hardening data from tensile test data, Hora [50] suggested a constrained least-
squares fitting approach. Considère’s criterion [27], determining the onset of necking
in a tensile specimen depending on its strain hardening properties, is introduced
into the fitting as a constraint. It states, that the onset of necking is at maximum
measured force Fmax in the tensile test experiment, or

dF |F=Fmax = 0. (3.56)

Translated into the regime of true stress and true strain, this demands that the first
derivative of the strain hardening function equals the strain hardening function at
the point of ultimate strain

dσ (ε)
dε |ε=εu = σ (εu) . (3.57)

A set of two constraints can be deduced for a constrained fitting approach∣∣∣∣∣dσfit

dε |ε=εu − σfit (εu)
∣∣∣∣∣− δ1 ≤ 0 (3.58)

∣∣∣σexp (εu)− σfit (εu)
∣∣∣− δ2 ≤ 0. (3.59)

Equation (3.58) constrains the fitted function to fulfill Considère’s criterion within
the limit δ1. This constraint alone is not sufficient, as non-fitting functions may meet
the criterion at higher or lower stress levels as the real strain hardening function.
Therefore, the second constraint (3.59) ensures, that the stress at ultimate strain
approaches the experimental ultimate stress within the limit δ2.
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Based on compression test data of specimens from extruded sections of EN AW-
6060 alloy, Pfaffinger [88] showed, that the constrained fitting approach gives a better
extrapolation of the strain hardening data. This is not surprising, as more knowledge
is introduced in the fitting process. If Considère’s criterion cannot be met by the
strain hardening function, this indicates, that the strain hardening function chosen
is not suitable for the examined material.
In figure 3.5(b), the experimental tensile test data of figure 3.5(a) from extruded

sections of EN AW-6060 is taken and a non-constrained and constrained fitting of
the Hockett–Sherby function is performed.

3.1.5. Strain rate and temperature dependent strain hardening
Many materials experience a strain rate dependent and temperature dependent har-
dening behavior, so that the strain hardening function is expressed as

σ = σ (ε, ε̇, T ) . (3.60)

During crash events, the maximum strain rates are up to ε̇max ≈ 200 1/s...500 1/s
[99, 126] causing an increased flow stress of the material. Due to the adiabatic
condition of the rapid deformation process, the arising deformation heat facilitates
the deformation process by thermally activated dislocation motion, and an adiabatic
softening of the material occurs [126].
Based on Hollomon’s equation, the strain rate sensitivity can be introduced with an
additional multiplicative term

σ = KHε
nH ε̇m (3.61)
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with m being the strain rate sensitivity exponent. It is generally calibrated based
on flow curves at different strain rates and defined as

m = ln (σ1/σ0)
ln (ε̇1/ε̇0) |ε̇ref ,T . (3.62)

σ0 and ε̇0 are reference values at quasistatic conditions and reference conditions
εref , T . σ1 and ε̇1 are values at elevated strain rates at equal reference conditions.

From the definition of the strain rate sensitivity m, an easy model of constant strain
rate sensitivity is deduced

σdyn
eq = σqs

eq ·
(
ε̇dyn

ε̇qs

)m
, (3.63)

where σdyn
eq is the flow stress at the considered dynamic strain rate ε̇dyn and σqs

eq is
the corresponding quasistatic flow stress at the quasistatic strain rate ε̇qs.

Campbell and Ferguson [23] tested mild steel (En3B) at a wide range of strain rates
and temperatures by shear tests and Hopkinson-bar tests; the results are shown
in figure 3.6. They distinguish three regions with different mechanisms causing a
temperature and strain rate dependent flow stress.
The mechanisms leading to a strain rate and temperature dependent hardening

were related to the thermal activation of motion of dislocations, a delayed motion of
dislocations at obstacles such as stress fields, precipitates, or grain boundaries and
a viscous resistance or damping of the dislocation movement (in region IV) [23]. For
further theory on strain rate and temperature dependency of dislocation motion,
the reader is refered to [23, 39, 115].
For automotive crash events, region IV with impact strain rates of ε̇ > 5000 1/s

are not reached and the corresponding effects are irrelevant. For lower strain rates, it
can be seen that the strain rate sensitivity is not constant as in the above discussed
model, but varies with the strain rate. This can be taken into account with the
model of Cowper and Symonds [28]

σdyn
eq = σqs

eq ·
(

1 +
(
ε̇

C

)1/p)
(3.64)

with the fitting parameters p and C.

Another empirical equation, which also considers thermal effects was proposed by
Johnson and Cook [52]

σdyn
eq =

(
A+Bεneq

)(
1 + C ln ε̇

ε̇0

)(
1−

(
T − TRT

TM − TRT

)m)
(3.65)
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Figure 3.6.: Strain rate and temperature dependent yield stress for mild steel En3B
determined from shear tests [23]

with a reference strain rate ε̇0, the room temperature TRT, the melting temperature
TM, the parameters A, B, C, n for the Ludwik-type strain hardening relation and
m for the temperature dependence.
The models Cowper–Symonds and Johnson–Cook are available in most commercial
FEM software, whereas physically deduced models such as Zerilli–Armstrong [135]
or El-Magd [39] can be introduced by tabulated strain hardening curves [67]. A sum-
mary of further models taking strain rate and temperature dependency of the flow
stress into account is given by [63].

3.2. Experimental determination of the plastic
properties of aluminum matrix and steel wire

This section presents the experimental determination of the plastic properties of
steel wire and aluminum matrix. The experiments are performed with the target of
assessing the behavior of SWRA with respect to its fracture behavior and response
to impact loads. As a reference, the non-reinforced aluminum alloy is characterized.
Since the material properties of aluminum alloys vary with the production and tem-
pering process, equal conditions need to be guaranteed for SWRA and non-reinforced
aluminum alloy for a meaningful comparison. This was ensured by extruding a sec-
tion with non-reinforced and reinforced sides as shown in figure 1.2(b), from which
the test specimens are taken.
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At the time of the investigations, the composite extrusion process was — for re-
inforced sections — limited to a minimum wall thickness of 5mm and a maximum
wire volume content of 2% in the reinforced sides. After extrusion, the sections
were cooled down in still air and not further heat treated. This results in the heat
treatment state T4(F) [31].
The process of parameter identification for the used models describing the plas-

ticity of aluminum matrix and steel wire is divided in the sections of ’plastic yield
surface’, ’strain hardening properties’ and ’properties of strain rate dependent har-
dening’.

3.2.1. Plastic yield surface
Aluminum matrix In order to determine a plastic orthotropic behavior introduced
by the extrusion process, tensile specimens in 0◦, 45◦ and 90◦ to the extrusion
direction were tested by Matias and Stoeckl [72, 106]. The geometry of the specimens
is limited by the geometry of the extruded section, so that standardized specimen
geometries could only be met for the 0◦ direction2. For the specimens in 45◦ and
90◦ to the extrusion direction, the maximum length was 50mm, leading to stubby
specimens as shown in figure 2.6(a). The strains were recorded with biaxial strain
gauges [72] and an optical measurement system [106], enabling the detection of the
Lankford parameters. Additionally flat shear specimens and layered–compression
specimens were tested.
Table 3.2 lists the evaluated mean yield stresses and Lankford parameters with

corresponding standard deviation for the tested specimens. The high scatter in
yield strength for the 45◦- and 90◦-specimens, as well as in the r-values reveals,
that the stubby specimens are not suitable for the determination of the data of
plastic orthotropy. This is mainly due to their low width to thickness aspect ratio
of w/t = 2, which leads to:

• a non-homogeneous, non-uniaxial stress state in the gage length
• a non-homogeneous plastic flow due to the specimen’s edges, which lead to a

higher plastic flow in the middle of the specimen (cushioning effect) [26].

Better aspect ratios could have been reached in two ways. Firstly, by testing ex-
truded wider sections with similar extrusion conditions. Yet, the extruded sections
were provided up to a maximum width of 56mm only, thus, not offering much
improvement. Secondly, a higher aspect ratio could have been reached by milling
down the specimens on both sides to half of their original thickness, which preserves
a representative texture. This would increase the aspect ratio and lead to a better
reproduction of the real plastic flow behavior, however, an uniaxial stress state is
still not guaranteed due to the limited length of the specimen. How much the milling
process is changing the material’s properties still needs further investigation.

2Geometry according to DIN EN ISO 10113 [37] and DIN 50125 [34]
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Table 3.2.: Determined orthotropic yield stresses and yield ratios of the extruded,
non-reinforced aluminum matrix EN AW-6060T4, values in brackets are
standard deviations

Angle to extru-
sion direction

0◦ 45◦ 90◦ Pure shear Biaxial tension

Yield strength
Rp0.2 in MPa 60.6 (0.41) 61.8 (7.00) 64.0 (2.12) 60.3 (4.3) 81.3 (0.95)

Flow ratio rϕ 0.50 (0.11) 0.42 (0.14) 0.79 (0.04) 0 0.90 (0.03)

Table 3.3.: Determined strain hardening parameters of the Hockett–Sherby function
for the non-reinforced aluminum matrix EN AW-6060

Yield strength σy Saturation stress σs Hardening coefficient N Hardening exponent p

54.36MPa 206.87MPa 10.24 0.819

Despite extruded aluminum having inherent orthotropy, an isotropic plastic yield-
ing had to be assumed, considering the experimental difficulties and uncertainties
of ascertainable parameters. With an advance of the current production process
and higher press capacities for steel-wire-reinforced extruded sections, wider and
thinner sections will allow for a more reliable determination of the parameters of
plastic orthotropy and the presented yield functions can be used for a mathematical
description.

Steel wire A determination even of simple characteristics of the steel wire is dif-
ficult, due to its small diameter of 1mm. Micrographic analyses allow for a deter-
mination of the texture and an estimation of the inherent orthotropy, however, an
experimental measurement of the yield strengths and r-values is limited to uniaxial
tension and lateral compression [92].
SWRA has embedded steel wires, which are mainly stressed axially. Loads per-

pendicular to the wire’s axis cause an early debonding, so that the loads in the
wire are confined mainly to uniaxial tension [30, 81]. Therefore, the simplifying
assumption of an isotropic yield behavior is justifiable.

3.2.2. Strain hardening properties
Aluminum matrix The plastic strain hardening is evaluated with tensile tests of
flat tensile specimens according to DIN 6892-1 [36]. An extrapolation of the strain
hardening data is done with a constrained fitting approach and the strain hardening
function of Hockett and Sherby, with the assessed function parameters shown in
table 3.3.
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Figure 3.7.: Experimental strain hardening of the steel wire and extrapolation with
Voce’s strain hardening function [81]

Table 3.4.: Parameters of Voce’s strain hardening function for the high-strength steel
wires [81]

Yield strength σy Saturation stress σs Prestrain ε0

1115MPa 2143MPa 0.00143

Steel wire The strain hardening of the steel wire was determined by Merzkirch
and Meissner [76, 77]. Single wires were clamped by friction, winding them around
two rolls. Thus, notch stresses from clamping were kept low [76]. The test speed was
10mm/min and the strain was recorded using strain gauges of type FLA-1-11 [76].
The resulting stress–strain diagram is depicted in figure 3.7, showing a low fracture
strain of efr < 2 % due to necking of the non-embedded wire. An extrapolation
of the strain hardening data was done based on Voce’s strain hardening function,
giving the parameters listed in table 3.4. Since the experimental data indicates a
saturation of the strain hardening, a nearly perfectly plastic extension predicted by
the extrapolation is chosen.

3.2.3. Properties of strain rate dependent hardening
Aluminum matrix Experimental analyses show a small increase in flow stress for
6xxx aluminum alloys [25, 40, 126]. Werner [126] further investigated on the influ-
ence of strain rate dependent hardening of the aluminum alloy EN AW-6082 on
absorbed energy at crash events, showing a negligibly small influence for this alloy.
These findings were confirmed for the 6xxx aluminum matrices of TR10 by high
speed tensile tests of EN AW-6082T4 specimens at KIT, performed by Reeb3 (see
figure 3.8(a)) [80]; the geometry of the specimen is given in the appendix A.3. The

3A. Reeb, Karlsruhe Institute of Technology
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Figure 3.8.: Results of dynamic strain hardening tests of aluminum alloys of group
6xxx

dynamic test data for high strain rates shows typical dynamic oscillations, which
are due to the rapid introduction of the tensile force.
Based on the test data, the strain rate sensitivity exponent m for the model of a
constant strain rate sensitivity (equation (3.63)) is calculated. Considering Camp-
bell’s results in figure 3.6 an asymptotic increase in strain rate sensitivity (region of
damping of dislocation movement) occurs beyond the strain rates which are typical
for automotive crash events. For the considered aluminum alloy, experimental re-
sults of Chen and Emde [25, 40] confirm, that the region of dislocation damping is
beyond the anticipated strain rates.
Figure 3.8(a) shows the experimental results of Reeb and a fitted strain hardening

function for the quasistatic tensile test data. This strain hardening function is mo-
dified for higher strain rates using the model of constant strain rate sensitivity with
a determined sensitivity m = 0.0035, leading to the approximated dynamic strain
hardening curves. Figure 3.8(b) shows the strain rate dependency of AA6060T6
for a wide range of strain rates. An increase in flow stress from strain rates of
ε̇= 0.001 1

s to ε̇= 0.1 1
s is noticeable, with a decrease for strain rates in the range

of 0.1 1
s <ε̇ < 400 1

s , which can be attributed to dynamic strain aging effects as the
Portevin–LeChatelier effect [89].

Steel wire The strain rate sensitivity of the high-strength austenitic stainless steel
material 1.4310 (SS301) was analyzed quite extensively by the Southern Research
Institute in the 1950’s [56, 105]. Using specimens from thin sheet material, the
material’s strain hardening was found to be relatively insensitive towards a variation
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(a) Strain rate sensitivity of high-strength
austenitic steel 1.4310 (SS301) deter-
mined by [105], diagram from [78]

(b) Strain rate sensitivity of high-strength
austenitic steel 1.4310 (SS301) determined
by [56], diagram from [78]

Figure 3.9.: Experimentally determined strain rate sensitivity of the high-strength
austenitic steel 1.4310 (SS301)

Table 3.5.: Sensitivity of the steel wire’s UTS towards strain rate

Nominal strain rate ε̇ in s−1 0.0001 0.01 0.5

UTS in MPa 2196 2241 2280

in strain rate at room temperature. Their results are shown in figure 3.9.
These findings were confirmed for the here used steel wire based on single-wire

tests, however, a determination of the strain rate sensitivity for the whole range of
anticipated strain rates (ε̇ ≤ 500 s−1) could not be done, due to the experimental
difficulties when testing wire material. Nevertheless, a validation of the strain rate
sensitivity as in figure 3.9 is done based on single wire tests for a wide range of strain
rates up to ε̇ ≤ 0.5 s−1. The wires were therefore glued into bushings with a free
wire length of 30mm, shown in figure 3.10 With a maximum speed of 1000mm/min
of the tensile testing machine used, the short gage length of the specimens results in
a maximum strain rate of ε̇ ≈ 0.55 s−1. Table 3.5 shows the dependence of the UTS
on the strain rate.
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∅1

Figure 3.10.: Wire specimen with short gauge length for determination of strain rate
dependency

3.3. Properties of the wire-matrix interface
The bonding strength between fiber and matrix is crucial for the mechanical pro-
perties of a composite, since mechanical loads are transfered to the reinforcing fiber
mainly via interface shear loads. A sufficiently strong interface is desired in order to
provide an allow an actual strengthening and stiffening effect of the wires. However,
if the interface is overly strong, toughening effects as crack deflection or fiber-pull-
out cannot take place [73]. In the following sections, the findings of microstructural
evaluations and mechanical testing are presented, which allow for a consideration of
interface properties in the further conducted analyses.

3.3.1. Microstructure of the interface
Weidenmann investigated on the bonding behavior steel fibers in an aluminum ma-
trix of EN AW-6060 [124]. An exemplary micrograph (1.4310 wires in an aluminum
matrix of EN AW-6082) is shown in figure 3.11(a), revealing a fine grain formation
in the aluminum matrix around the steel wire. This stems from a higher degree of
deformation around the wires during extrusion and heterogeneous grain formation
during recrystallization, with the steel wires acting as condensation nuclei [81, 124].
The interface is found to be a positive fit free of mesoscopic defects, however, mi-
croscopic defects may be present.
An energy dispersive X-ray spectroscopy (EDX) determined an interdiffusion zone

of the elements iron, chromium and nickel in a bonding zone of 5-250 nm for a
composite of EN AW-6082+1.4310 [81] and up to 250 nm in a composite of EN-
AW6060+1.4310 [124]. Figure 3.11(b) shows the chemical bonding in the vicinity of
the wire and gives detailed view of the interface, illustrating the position of the EDX
linescan. The lower part is from a transmission electron microscope (TEM), once
again showing an interface free of mesoscopic defects.

3.3.2. Experimental determination
Due to the low thickness of the interface layer, the assumption has to be made that
only axial shear stresses, hoop shear stresses and normal stresses with respect to the
interface layer are transmitted. The experiments determining the interface’s shear
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(a) Microstructure around the steel
wire - Barker-Etching with mag-
nification of 100:1 [81]

(b) TEM image with EDX-linescan across the inter-
face showing the chemical composition of the in-
terface [81]

Figure 3.11.: Microstructure and chemical composition of the matrix-wire interface

and normal strength are described in the following. An assessment of the interface’s
stiffness is not possible. Since there is no visible sliding between wire and matrix
prior to a debonding, it is reasonable to assume a rigid interface.
Assessing the axial shear strength of wire reinforced aluminum matrices, Weiden-

mann [125] performed push-out tests illustrated in figure 3.12(a). During this test,
the reinforcing wire is pushed out of a thin reinforced aluminum plate using a conical
indenter. The surrounding matrix is supported in order to minimize bending loads.
Force and displacement of the indenter are recorded [71]. The interface’s axial shear
strength is then calculated as maximum push-out force divided by interface area.
Weidenmann [124] tested the influence of different surface treatments of the steel

wire on the interface’s shear strength determining strengths ranging from 61MPa
(non-treated steel wire) up to 94MPa (etched steel wire). The presented SWRA
showed an axial interface shear strength evaluated by the push-out test of τmax =
96.1 MPa [81]. The shear strength of the interface for hoop shear loading was not
experimentally assessed and it is assumed that the hoop shear strength equals the
axial shear strength.
Reeb performed interface-tensile-tests shown in figure 3.12(b) in order to deter-

mine the interface’s strength towards normal stress. The tensile specimens were cut
by wire eroding with the wire lying in the middle of the gauge length. After fracture,
the interface’s normal strength is calculated by dividing the maximum force by the
area of the fractured surface. The fracture was always located directly at the inter-
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Figure 3.12.: Specimens for determination of axial shear strength and normal
strength of the interface

face, hence the area of the fractured surface was equal to the wire’s surface [81]. The
interface’s normal strength was determined to σnmax = 10.9 ± 1.25 MPa. Since the
determined strengths are average values over the fractured surface, the maximum
interface strengths are likely to be higher [24].
When comparing the interface’s normal and shear strength, a significantly higher

strength towards axial shear load is striking. This is explained by the simulation
of the thermal residual stresses in section 2.3.2, which determines a radial residual
stress of up to 70MPa. Thus, the aluminum matrix compresses radially on the wire,
leading to a seemingly increased shear strength by force-closure. The radial expan-
sion of the steel wire, which is caused by the axial push-out force is another minor
effect, adding to an additional force-closure.
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4. Description of material failure and
fracture

Material fracture is well defined as the process of material breakage involving a
separation of the material. In contrast to fracture, material failure has many case
dependent definitions [4]. It can be defined as the transition from an elastic to a
plastic state which is common for structural design tasks. For forming operations,
on the contrary, the plastic material state is desireable and the loss of forming ca-
pacity is considered as failure. Since crash energy absorbing structures are intended
to dissipate the incoming kinetic energy, a loss of energy absorption capacity is
considered as failure. This chapter presents the underlying mechanisms of material
failure and fracture and further discusses the in this work used phenomenological
and physically motivated fracture models.

4.1. Mechanisms of material failure and fracture
Closely distinguishing material failure from fracture, no material decohesion deve-
lops for failure. The main mechanisms of material failure are a strain localization,
which is visible as a ductile necking or as shear bands. Both mechanisms are com-
monly referred to as “plastic instability” [87] and are considered as precursors to a
subsequent fracture process.
Fracture of ductile materials is linked to the growth and coalescence of inner voids.

Voids as inherent material inhomogeneities always exist in non-perfect materials and
an additional void nucleation takes place at material inhomogeneities such as inclu-
sions or precipitates. The coagulation of voids is mostly resulting from a necking
of the ligament between the voids [16]. This ultimately leads to a macroscopically
visible ductile or shear fracture. Figure 4.1 shows the growth and coalescence of two
neighboring voids in a series of scanning electron microscope (SEM) images [120].

McClintock [74] and Rice and Tracey [98] first theoretically described the growth
of an isolated void in a non-hardening matrix material. It was further shown that
the void growth relates to the applied stress state in terms of stress triaxiality η,
which is generally defined as

η = σhyd

σeq
= 1/3 (σ1 + σ2 + σ3)

1/
√

2
√

(σ1 − σ2)2 + (σ2 − σ3)2 + (σ3 − σ1)2
= I3

3
√

3J2
, (4.1)
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(a) Void growth in an aluminum alloy 5052 with the voids oriented 90◦ to the direction of
tension [120]

(b) Void growth in an aluminum alloy 5052 with the voids oriented 45◦ to the direction of
tension [120]

Figure 4.1.: Void growth and coalescence due to ligament necking and shear [120]

where σhyd is the hydrostatic stress and σeq is the von Mises equivalent stress.

The stress triaxiality can further be expressed with the third invariant of the stress
tensor I3 and the second invariant of the deviatoric stress tensor J2. Consequently,
material fracture depends on the stress state and the history of the acting stress
states. Based on the theoretical framework of Rice, Tracey and McClintock, Gur-
son [42] developed a flow function for porous ductile materials. It has been frequently
used as a physically motivated fracture model and is employed for this research.

4.2. Modified Gurson yield function for porous ductile
media

4.2.1. Theoretical background
Gurson’s yield function has undergone many modifications which are presented in
this section. In its original form, the yield function is developed based on the analysis
of a unit cell of a single spherical void in a rigid-plastic matrix material. The derived
yield function is [42]

Φ =
σ2

eq

σ2
y

+ 2f cosh
(
σhyd

σy

)
− 1− f 2 = 0, (4.2)

with the current void volume content f . It should be noted that for f = 0, the
isotropic von Mises function is recovered.

Tvergaard [111] introduced three constitutive parameters q1, q2, q3 in order to im-
prove the prediction for a material behavior of a material with periodically dis-

52



tributed voids of cylindrical, spherical and circular shape. Based on numerical ana-
lyses of a double periodic array of circular cylindrical voids the parameters were
identified to match the numerical predictions best with q1 = 1.5, q2 = 1 and q3 = q2

1.
Since Gurson’s model underestimated the evolution of fracture after onset of void

coalescence, Tvergaard and Needleman [112] changed the description of void growth
by introducing a critical void volume for void coalescence fC . The deduced model
became known as the GTN (Gurson–Tvergaard–Needleman) model and is presented
briefly. The following equations are taken from [83, 112] with a unified nomenclature
by [67]. The GTN yield function with the constitutive parameters q and a modified
void growth f ∗ is

Φ =
σ2

eq

σ2
y

+ 2q1f
∗ cosh

(
3q2σhyd

2σy

)
− 1− (q1f

∗)2 = 0. (4.3)

The extended function for void growth now takes a critical void volume fC into
account with a from fC on changed void evolution by

f ∗ (f) =
f for f ≤ fC

fC + 1/q1−fC
fF−fC

(f − fC) for f ≥ fC
, (4.4)

where fF and fC are material parameters and fF is the void volume fracture for
fracture. The present void volume content f increases with the mechanisms of void
growth ḟG and the creation of new voids by nucleation ḟN,

ḟ = ḟG + ḟN. (4.5)

The growth of voids ḟG is solely described by the dilatational part of the plastic
strain tensor and the current void volume fraction by

ḟG = (1− f) ε̇p
kk. (4.6)

A nucleation of voids depends on the plastic equivalent strain and follows a normal
distribution by

ḟN = fN

sN
√

2π
exp

−1
2

(
εpeq − εN

sN

)2
 · ε̇p

eq. (4.7)

εN is the mean strain which is necessary for void nucleation, with a corresponding
standard deviation sN. Both parameters are specific for a material and relate to
its microstructure and content of void nucleating particles such as inclusions and
precipitates.
A closer look at equation (4.6) reveals, that there is no growth of voids without

a plastic volume change, i.e. at zero hydrostatic stress. This contradicts with the
shown void growth under shear conditions in figure 4.1(b) and with many other ex-
perimental surveys (cf. [64, 120, 127]).
Nahshon and Hutchinson [83] proposed an improvement to the void growth func-
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tion in order to allow for fracture at shear dominated stress states. The modification
of ḟG alters the void growth only for shear dominated stress states, using the Lode-
cosine function ω (σ)

ḟG = (1− f) ε̇p
kk + kωω (σ) f (1− f) ε̇p

eq
σy

σeq
. (4.8)

ω (σ) is defined as [67]

ω (σ) = 1−
(

27J3

2σ3
eq

)2

, (4.9)

which is ω (σ)=0 for axisymmetric stress states and ω (σ)=1 for pure shear stress
states plus a hydrostatic stress component. Thus, the GTN model is unaltered for
axisymmetric stress states, which it was formulated and calibrated for. kω is a cali-
bration constant defining the void growth rate for shear dominated stress states [83].
The shear-modified GTN model proposed by Nahshon and Hutchinson [83] is used

as fracture model for the aluminum matrix and the calibration of its parameters is
described in the following.

4.2.2. Parameter identification for the shear-modified GTN
model for the aluminum matrix

Identifying the nine parameters of the shear-modified GTN model is an error-prone
and lengthy process, which asks for a structured approach. Therefore, the para-
meters are separated into the constitutive parameters q1 , q2 , q3, the void growth
parameters for axisymmetric stress states f0 , εN , sN , fN , fC , fF and the shear dam-
age parameter kω. Good results were reported for a set of constitutive parameters
with q1 = 1.5, q2 = 1 and q3 = q2

1 [60, 65, 107, 112], which are chosen accordingly.
Since the Gurson model is formulated for axisymmetric stress states, the void

growth parameters should be determined with cylindrical tensile specimens [83].
This is problematic for sheet material or thin extruded sections with respect to
a fabrication of the cylindrical specimens. For this analysis, therefore, the parame-
ters are calibrated with flat tensile specimens shown in figure 4.2, despite of their
stress state not being cylindrically axisymmetric.
Once the void growth parameters are found, the shear damage parameter is de-

termined from experiments in pure or simple shear [83]. These stress states are
provided for instance by standard tests as Arcan’s shear test or Iosipescu’s shear
test [5, 51]. A drawback of these tests is, that the specimen needs a special testing
fixture, making the shear test relatively complex to conduct. Peirs [85] suggested
a flat-shear specimen for flat sheet material, which allows testing at stress states
close to zero stress triaxiality, using ordinary gripping fixtures. Its geometry was
numerically optimized, in order to guarantee low triaxialities until fracture and was
succesfully employed for thin titanium sheet (0.6mm, Ti6Al4V). The shear speci-
men is shown in figure 4.2, with the exact geometry given in appendix A.4. Care
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has to be taken, in order to obtain a meaningful set of parameters, since the pa-
rameters are non-unique as shown by Zhang [137] and different sets of parameters
may lead to the same force-strain result. However, only one set of parameters allows
for a physical–microstructural interpretation. A literature survey helps to identify
reasonable boundaries for the parameters.

Parameter boundaries from literature Lemaitre [65] gives common ranges for the
initial void volume content in metals of 0.001<f0<0.08. Micrographical measure-
ments can be used to further assess f0 [107], however, since the measurements need
a high magnification for the detection of small voids at low void contents, the mea-
surement is difficult. The analyses in figure 3.11 do not reveal visual voids at a
magnification of 100 times, pointing to a low initial void content; microscopic voids
may still be present but cannot be detected at this level of magnification.
A critical void volume content for void coalescence is discussed controversially

in the literature. Tvergaard and Needleman [112], who introduced the parameter to
Gurson’s model suggest, that 0.15<fC<0.2 . Lemaitre [65] gives a wider range with
0.03< fC < 0.15 and Sun [107] chooses fC as low as fC ≈ 0.03. A reason for these
widely different ranges for fC is given by Zhang [137], who found that fC depends
on the chosen f0 and vice versa, so that for every chosen f0, a corresponding fC can
be found, which will lead to an equal force–strain response of the simulated tensile
specimen.
Since fracture is caused by void coalescence, the void volume fraction for final

fracture fF must be bigger than fC. Having a closer look at the sectionwise–defined
equation of void coalescence (equation (4.4)), it is evident that the void content is
rapidly rising after reaching the state of void coalescence, which explains a relative
insensitivity of final fracture toward fF. Therefore, fF = 0.25 is often chosen, as
initially suggested by [112]. An estimated upper boundary for fF may be fF = 0.36,
which represents the void volume fraction for a “dense random packing of equi-sized
spheres” [97, p. 188].
The magnitude of the void nucleation parameters εN, sN and fN is determined by

the microstructure of the material and no common range can be given [65]. These
parameters mainly influence the onset and evolution of necking, seen in the uniaxial
tensile test [112], which can be used for their assessment. Further, micrographical
analyses of the particles which cause a void nucleation give a close estimate for the
values fN and sN. For the discussed aluminum alloy, these particles are for instance
inclusions or precipitates. fN ≈ 2.5 % was estimated based on micrographs [81].
The remaining shear damage parameter lies within the boundaries of 1<kω<3 [83],
whereas for kω=0, the unmodified GTN model is obtained [83].

Parameter identification by numerical simulation With the help of the given
boundaries, the best fitting parameter values are determined in a fitting process
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comparing simulated and experimental stress–strain curves of flat tensile and flat
shear specimens. The parameters of void growth are determined solely based on the
data of the tensile tests and subsequently, the shear damage parameter is determined
with the help of the shear tests. The geometry of the specimens is shown in ap-
pendixA.4. An additional difficulty assessing the parameters is a mesh dependency
of the fracture model, since a material softening is involved. For the same set of pa-
rameters, a small element size leads to an acceleration of softening, whereas a large
element size postpones and decelerates the softening. One approach to this prob-
lem, followed in this thesis, introduces a characteristic element length for numerical
simulation lc, depending on which the parameters are calibrated. The characteristic
element length is defined as:

• 1-D elements: lc = l (l = element’s length),
• 2-D elements: lc =

√
A (A = midsurface area of the element),

• 3-D elements: lc = 3
√
V (V = volume of the element)

As a consequence, the mesh of the fracturing zones in a simulation model must have
the same element length. Even though a smaller element size would allow for a
closer representation of cracks and crack paths, lc = 0.5 mm was chosen for reasons
of numerical efficiency. Figure 4.2 presents the simulation models which are meshed
with a characteristic element length lc =0.5 mm in the fracturing regions.
The simulations were done with LS-DYNA1 for which the Gurson model is only

implemented for an explicit solution scheme. This does not allow for a direct simula-
tion of the slow quasistatic tests, since the small time step of the explicit simulation
would lead to unacceptably long calculation times. The simulations were, therefore,
carried out at a velocity of v=1 m/s for the tensile test and at v=1.33 m/s for the
shear test. With the kinetic energy always staying below 2% of the total energy,
no major inertia effects are expected to influence the material’s behavior, so that
quasistatic conditions are approximated. However, some dynamic jitter is visible,
especially for the shear test data.
Simulated stress–strain curves are overall in good agreement with the experimen-

tal ones with respect to stress level, onset of failure and evolution of fracture. Using
the best fitting parameters, the stress–strain curve of the tensile test closely follows
the experimental data, with minor differences in the fracture evolution. The diffe-
rence lies within the experimental scatter of five tested specimens.
A bigger deviation of the simulated stress–strain curve is seen for the shear test.

Even though an overall good agreement is reached, the simulated strain hardening
is below the experimental one. This may be attributed to the orthotropic plastic
behavior of the aluminum, not taken into account by the Gurson model which is
based on isotropic von Mises plasticity. This explains, why the hardening of the
uniaxial tensile test is captured well but the hardening of the flat shear test shows
a wider deviation. Another difference is seen in the fracture behavior. Maximum
strength and onset of failure and fracture are reproduced closely for both tests, yet,

1LS-DYNA version 971, revision 6.0.0
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Table 4.1.: GTN material fracture parameters for the aluminum matrix for a cha-
racteristic finite element length of lc =0.5 mm (adapted from [81])

Parameter q1 q2 f0 εN sN fN fC fF kω

Lower bound 1.0 0.9 0.001 0 0 0 >f0+fN >fC 0

Upper bound 1.5 1.0 0.08 - - 0.1 0.2 0.25 3.0
Model value-
chosen (c) or
identified (i)

1.5
(c)

1.0
(c)

0.0033
(i)

0.28
(i)

0.0311
(i)

0.024
(i)

0.032
(i)

0.21
(i)

0.6
(i)

a complete rupture does not set in for the shear test simulation.
It was found that after the deletion of some elements in the fracturing region, the

remaining elements become highly distorted and are no longer deleted. Simulations
with a smaller element size of lc = 0.25 mm improve this, so that the difference in
simulated and experimental fracture is likely to be due to the coarse characteristic
element length. However, in favor of lower calculation times, the characteristic ele-
ment length of 0.5mm was kept [81]. The identified parameters which led to the best
accordance between simulated and experimental data are summed up in table 4.1.
Additionally, the findings of the literature survey of reasonable boundaries for the
model parameters are added.

4.3. Phenomenological fracture model for the steel
wire

Tensile tests of the non-embedded high-strength steel wires show a low engineering
fracture strain of efr ≈ 1.8 %. Due to the lateral restraint by the aluminum ma-
trix, the low fracture strain is drastically increased by embedding the wire into the
aluminum matrix to efr > 20 % as discussed in section 2.4. A necking and fracture
of the wire for uniaxial tension is postponed until necking of the aluminum matrix.
For from uniaxial tension different load cases, debonding of the wire occurs at low
loads, so that further loads can no longer be introduced into the wire. Therefore, a
prevailing uniaxial straining of the wire is expected, allowing for a simple maximum
strain fracture criterion.
For this load case, the maximum true fracture strain is calibrated based on the

reduction of area of the steel wire

εp
fr = ln

(
A0

Afr

)
, (4.10)
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Figure 4.2.: Experimental and simulated stress–strain curves with optimized Gurson
material parameters [81], simulated specimens depict the gauge length

with A0 the initial area of the wire and Afr the minimum area after fracture.

Since there are large differences in the fracture strain of embedded and non-embedded
wires, the fracture strain is measured at four tensile specimens of SWRA (see figure
2.6(a)) with two wires each. Using an optical microscope at a magnification of 50
times, first, the diameter of the embedded wire was confirmed to be d=1 mm, then
the fracture area is measured and the mean fracture strain is assessed as εp

fr ≈ 0.7.

4.4. Failure criterion for the cohesive wire-matrix
interface

It was shown that the experimental interface normal strength of SWRA is with
σn = 10.9 ± 1.25 MPa almost one order of magnitude lower than the axial interface
shear strength τmax =96.1 MPa. It is further generally accepted, that a mode I failure
due to a normal separation is the most critical fracture mode [103]. Therefore, it
seems opportune to use a simple failure criterion for the cohesive interface based on
the interface normal stresses only. Once they exceed a failure value, the interface is
ought to fail. The applied failure criterion is

σn ≤ σnmax (4.11)
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Modeling the interface, cohesive elements2 are used, with an elastic cohesive material
model3. This model offers a separate definition of the interface’s in-plane stiffness
ET and normal stiffness EN, as well as a failure stress in terms of a traction, which
is defined as force per unit area [67]. In order to block a sliding motion between steel
wire and aluminum matrix prior to interface failure, the interface’s stiffness is set to
10 times of the elastic stiffness of the wire to EN =ET =2 · 106 MPa.
After interface failure at σn =σnmax , a frictional contact between wire and matrix

is established. This is considered using a segment based erosive contact4, which is
advantageous over a commonly used node-penalty based contact for edge-to-edge
contact problems [66, 67]. The friction coefficients for gliding µG and sticking µS
are taken for the contact pair “mild steel and aluminum” from [18] as µG =0.47 and
µS =0.61. Taking post-debonding contact into account is essential, as the wires keep
the surrounding aluminum matrix from deforming freely, and affect the stress state
in the matrix by transferring compressive loads.

4.5. Validation of the material and fracture model for
SWRA

Material and interface models including a fracture description were calibrated for
SWRA with tests of each component. It is yet unclear, whether a calibration of
material models based on single-component tests is a valid approach. It was shown
before, that thermal residual stresses and changed nucleation conditions in the vici-
nity of the wire change the properties of aluminum matrix and steel wire. Whether
the change is of negligible magnitude is evaluated in the following.
A validation of the proposed modeling technique is done based on tensile test data

in and perpendicular to the wire direction with the specimens shown in figure 2.6(a).
The arising global strains are recorded with the optical measurement system GOM
Aramis and the global stresses are calculated as measured force divided by total area
of the specimen. They do not represent the actual stress in wire or matrix, since
the material is inhomogeneous. The calculated stresses present a mere quantity for
comparison between specimens of slightly different cross sectional areas and allow
for a comparison to the non-reinforced aluminum matrix.

4.5.1. Tension of SWRA in wire direction
As first validating scenario, the tensile test in wire direction is simulated. There-
fore, a symmetrical model of the tensile specimen is created. The reference length
for evaluation of the strains is l0 = 15 mm for experiment and simulation. An im-
perfection, which triggers a symmetrical necking of matrix and wire is introduced

2LS-DYNA ELFORM19 - four point, eight node cohesive element
3*MAT_COHESIVE_ELASTIC
4*CONTACT_ERODING_SINGLE_SURFACE
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Figure 4.3.: Experimental and simulated stress–strain curves for SWRA with tension
in wire direction

as reduction of the wire’s radius of rwred = 0.998 · rw and of the matrix’s width of
wmred = 0.998 · wm. The explicit simulations are carried out with a tensile speed
of v = 2m

s , which leads to some dynamic jitter in the simulated data. The kinetic
energy, here, is in all cases well below 2 % of the total energy and no major inertia
effects impair the simulation results.
A simulated stress–strain curve for a normal interface strength of σnmax =11 MPa

and a wire fracture strain of εp
fr =0.7 is compared to three experimental stress–strain

curves in figure 4.3. The simulated stress curve is smoothed with a three-point mo-
ving average filter in order to reduce noise from dynamic jitter. Differences between
simulated and experimental data are discussed in the following.

Differences in the elastic and elasto-plastic regime (e<2 %)

The simulation captures the three characteristic elasto-plastic regions of SWRA.
Wire and matrix initially both deform elastically. This is followed by a region,
where the wire still behaves elastically and the matrix starts plastifying. In the
third region, wire and matrix both deform plastically. The initial material stiffness
agrees well with the experimental data, however, the strength in the second region
is overpredicted. This is explained by thermal residual stresses in the experimental
specimens, which are not considered by the simulation.
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Differences in the plastic part (2 %<e<20 %)

Since the residual stresses are released when both matrix and wire deform plastically,
they cannot explain the differences in stress level of about 5%. Two possible causes
for the varying stress levels can be given. It is possible, that the extrapolation of
the matrix’s strain hardening is too soft. However, the strain level for the reinforced
specimens does not significantly exceed the range of identified strain hardening data,
which makes this reason unlikely. It further does not explain the difference between
simulated and experimental stress level at the early stage of plastification with low
plastic strains.
It is more probable that the strain hardening of matrix or wire is changed during

the fabrication process of SWRA. A finer grain size of the matrix around the reinforc-
ing wire as discussed in section 2.3 leads to this higher strain hardening (Hall–Petch
relation). A higher strain hardening of the wire due to the extrusion process was
excluded by Weidenmann [124].

Differences in failure evolution and fracture (20 %<e)

Examining the experimental tensile test, failure starts with a ductile necking process
of the aluminum matrix, which is at about the same ultimate strain as in the non-
reinforced matrix. This is followed by a visible drop in the force level, due to a
rupture of one wire. The load is then redistributed to the remaining wire and
matrix. A second wire fractures is detectable as a second drop in the force level. In
a final step, the matrix fractures.
The onset of necking is captured well, the speed of the evolution of failure and

fracture is underestimated. It was shown, that a necking process of the wire with a
subsequent fracture is postponed until an onset of necking in the aluminum matrix
[81]. Experiments further show, that at the moment of the distinct drop in the force
level, the matrix does not yet fracture. It can be concluded, that the wire necks and
fractures rapidly, right after the supporting interface is destroyed due to the necking
of the matrix. This necking process with fracture after a failure of the interface is
accelerated due to the fact, that the wire can only sustain the high strains by the
radially supporting effect of the wire-matrix interface. A high void content before
onset of necking is likely to be present in the wire, since it is strained well beyond
its uniaxial fracture strain in the non-embedded state. An in-situ monitoring of
the wire’s necking behavior in SWRA with computer tomography could proof this,
however, this was not done so far.
With the used symmetric simulation model which only possesses one steel wire,

only one wire fracture is visible.

4.5.2. Tension of SWRA perpendicular to wire direction
Testing SWRA at tension perpendicular to wire direction, the behavior of the spe-
cimens is dominated by the aluminum matrix and the wire-matrix interface. The
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debonding of wires

(a) Onset of debonding of the wires

sickle-shaped holes

(b) Growth of sickle-shaped holes and strain
localization of the matrix

ductile fracture

(c) Necking and ductile fracture of the matrix

ductile fracture

(d) Final rupture of the residual cross section

Figure 4.4.: Wire debonding and evolution of failure and fracture in SWRA at ten-
sion perpendicular to wire direction, the plots show the equivalent strain

high strain hardening of the wire cannot be made use of, since loads are mainly
introduced as interface shear loads via a relatively weak interface and contact. This
test, therefore, excludes influences by the material fracture of the steel wire and
carves out matrix and interface properties.
For the experimental evaluation, specimens with a geometry as shown in fi-

gure 2.6(a) are tested. The elongation is measured for a gauge length of 6mm with
an optical measurement system, which surveils the side of the specimen showing the
wire-matrix interface. Thus, the instant of interface failure is detected, as shown in
the series of pictures in figure 4.4. Global strains are calculated for a comparison
with non-reinforced aluminum.

In comparison to the aluminum matrix, the wire has a three-times higher Young’s
modulus and a much higher yield strength. The forces that are transfered before
interface failure are not sufficient to cause plastic yielding of the wires. The wires be-
have elastically and the matrix is plastifying so that the interface stresses are mostly
defined by the matrix’s strain hardening properties. If the wire is regarded as a non-
deformable rigid body, the maximum interface normal stresses directly relate to the
matrix’s strain hardening [81]. An early failure of the interface is, therefore, an-
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Figure 4.5.: Experimental and simulated stress–strain curves for SWRA with tension
perpendicular to wire direction

ticipated. This occurs at a stress level (=force divided by total specimen area) of
s=60 MPa, whereas the experimentally determined interface failure starts at higher
stress levels of 100<s<120 MPa. After decohesion of the wire, sickle-shaped voids
form around the wire, promoting fracture of the aluminum matrix.
The simulation agrees in terms of maximum load, position of fracture and frac-

ture evolution. The differences between simulation and experiment are mostly in
the pre-fracture regime and may be attributed to a plastic orthotropy of the alu-
minum matrix, not being considered by the isotropic Gurson model. Differences
in the onset of debonding cannot only be explained by an underestimated inter-
face normal strength, as a debonding at this high load would require an interface
normal strength of σnmax > 250 MPa (later discussed in section 4.6). More likely is
an influence of the grain refinement of the matrix around the wire, which offers a
higher strain hardening than the surrounding matrix material, thus lowering the
interface normal stresses and postponing debonding. A radial compression from
residual thermal stresses also adds to an increase in debonding strength.

4.6. Sensitivity analyses of the fracture model of
SWRA

As shown in the previous section, assessing a material model for SWRA based
on the characterization of its constituents gives a reasonably well description of
the material’s behavior. This was proven for two distinct load cases of tension
in wire direction and tension perpendicular to wire directions. A tension in wire
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direction presents a “best case” scenario exploiting best the wire’s high strength;
tension perpendicular to wire direction is the “worst case” scenario, showing an
early debonding which significantly weakens the composite. In order to gain deeper
insight into the failure and fracture behavior of SWRA, sensitivity analyses are
carried out, determining the material’s sensitivity toward interface normal strength
and fracture strain of the wire.

4.6.1. Sensitivity toward interface normal strength
Figure 4.7(a) shows the variation of the stress–strain curve for tension in wire direc-
tion with interface normal strengths σnmax = 2.75, 11, 55, 110, 330 MPa. The wire’s
fracture strain is kept constant at εp

fr =0.7.
For tension in wire direction, the material responds relatively insensitive to a

change in interface normal strength. Only for the lowest strength of σnmax =2.75 MPa,
an immediate debonding of the wire leads to an early fracture of wire and com-
posite. Increasing the interface normal strength, even up to a high strength of
σnmax = 330 MPa, does not significantly postpone fracture. The interface is intact
until matrix fracture, which is enforced by the matrix’s rigid connection to the steel
wire.
At tension perpendicular to the wire direction, the wire’s fracture strain does

not play a role, since the wire stays in the elastic regime throughout the whole
test. It can be seen from figure 4.7(c), that up to an interface normal strength of
σnmax =110 MPa, the changes of the material’s behavior are negligible. The onset of
debonding is slightly shifted to higher loads, however, for the sake of clarity, only one
representative curve is drawn for σnmax =2.75 to 110 MPa. Further increasing the in-
terface normal strength to σnmax =220 MPa shifts the onset of debonding noticeably.
At σnmax = 330 MPa, a debonding of the wire does no longer occur and an actual
strengthening of the aluminum matrix is reached. These high interface strengths,
however, are more than 20 times higher than the currently reached strengths and
an improvement of this order of magnitude is improbable.
In order to clarify the low sensitivity of SWRA toward the interface normal

strength, the interface normal stress was analyzed for tension in wire direction and
perpendicular to wire direction [81]. For tension in wire direction, four regions are
distinguished (see figure 4.6(a)):

• Region I: wire and matrix both deform elastically. Due to a higher Poissons’s
ratio of the aluminum matrix, the interface bears compression stresses
• Region II: wire and matrix both deform plastically with a plastic Poisson’s

ratio of 0.5. Therefore, the normal stresses at the interface are close to zero
• Region III: onset of necking in the aluminum matrix leads to a quickly rising

interface normal stress
• Region IV: the normal stress reaches the interface’s normal strength, the in-

terface fails and the wire debonds.
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Figure 4.6.: Development of interface normal stress for tension in and perpendicular
to wire direction

As the interface normal stresses quickly rise due to necking in the aluminum matrix,
increasing the interface’s normal strength has a limited effect on the composite’s
fracture behavior. Both analyses with tension in and perpendicular to the wire
direction show, that even a significantly increased interface strength cannot alter
the composite’s fracture behavior substantially.

4.6.2. Sensitivity toward the wire’s fracture strain
In addition to the investigations focusing on the interface normal strength, the
fracture strain of the steel wire was varied from εp

fr =0.2 to εp
fr =1, leading to a pro-

nounced change in the composites fracture behavior. The interface normal strength
was kept at σnmax = 11 MPa. For the lowest fracture strain, wire fracture sets in
before the aluminum matrix starts to neck. This is a non-physical behavior, since
necking of the matrix is a necessary condition for failure of the interface, which in
turn allows for the wire to neck. The highest simulated fracture strain εp

fr =1 showed
an onset of matrix fracture prior to fracture of the wire, which was not observed in
the experiments. Even higher fracture strains cannot increase the composite’s over-
all fracture strain, since the matrix already starts fracturing prior to wire fracture
for εp

fr =1.
The experimental data indicates, that shortly after onset of necking of the alu-

minum matrix, the wires fracture. Lower simulated fracture strains of the wire than
the measured of εp

fr =0.7 lead to an earlier wire fracture, however, the rapid necking
process of the wire cannot be modeled by only reducing the fracture strain. As
discussed, the wire is likely to be pre-damaged, since the high strains can only be
sustained due to the radial support, which does not allow for necking. After debon-
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ding of the wire, the necking process of the wire is accelerated by the pre-damage.
This behavior is simulated best with a damage model including material softening.
The model used in this thesis considers pre-damage by inherent voids as growth

of a void area Avoid, increasing the stress in the remaining wire material by material
by

σ = F

A− Avoid
. (4.12)

The void area grows according to

Avoid = D · A =
εp

eq − ε
p
fail

εp
fr − ε

p
fail
· A with εp

fail ≤ εp
eq ≤ εp

fr. (4.13)

D is the damage parameter with 0 ≤ ω ≤ 1, which is defined by the failure strain
εp

fail for onset of softening and εp
frac for end of softening at material fracture [67]. A

good matching softening curve is reached with εp
fail = 0.23 and εp

fr =0.5 [106], shown
in figure 4.7(b) as “εfail =0.23, soft”.

4.7. Summary and discussion of the material model
for SWRA

A material model for SWRA including fracture is presented based on the shear mo-
dified GTN model for the aluminum matrix and an isotropic von Mises material with
a phenomenological maximum strain fracture criterion with softening option for the
wire. As the process of material failure is triggered by a debonding of the wires,
a cohesive model for the interface is applied and its parameters are experimentally
determined.
Comparing simulated predictions and experimental results of uniaxial tensile spe-

cimens of SWRA in and perpendicular to the wire direction, simulated and expe-
rimental data agree well. It can be concluded, that separately characterising the
mechanical properties of steel wire and aluminum matrix and combining the so
found material models to a description of SWRA is a valid approach. Differences
in simulated and experimental data in the pre-fracture region are mainly attributed
to an orthotropic plastic behavior of the aluminum matrix, which is not considered
by the isotropic shear modified GTN model. An improvement could be reached by
coupling an orthotropic yield function to a Gurson like fracture description of void
growth as suggested by Schmeing [101].
Further differences in the fracture behavior are related to the wire’s fracture crite-

rion based on a maximum strain criterion, which does not account for possible void
growth and pre-damage in the radially supported wire, prior to interface failure. The
wire’s necking behavior seems to be accelerated by pre-damage, however, this needs
to be further verified, for instance by in-situ computer tomography tensile tests. A
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Figure 4.7.: Sensitivity of SWRA with respect to the interface’s normal strength of
the wire-matrix interface and to the wire’s fracture strain
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modified maximum strain criterion including material softening after necking is able
to give a closer prediction of material failure.
Sensitivity analyses of SWRA toward interface normal strength and wire fracture

strain elucidate the influence of wire debonding, which accelerates the fracture pro-
cess of the composite. Due to the acting mechanisms, neither a major increase in
interface normal strength, nor an increase in the wire’s fracture strain can signifi-
cantly postpone the fracture of the composite. Based on these findings, tension in
wire direction is a “best case” load scenario for SWRA, which offers the highest ca-
pacity of energy absorption. Yet, compared to the non-reinforced aluminum matrix,
SWRA does not offer a significantly better performance at quasistatic conditions
(see also table 2.3).
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5. Performance of SWRA in
structural components undergoing
high deformations and impact
loads

Previously presented investigations had well-defined load cases and a foreseeable
fracture behavior. Good agreement between simulation and experiment is also due
to the fact, that the material and fracture model is calibrated with load cases similar
to the simulated ones. The validity of the presented material model is, thus, not
generally given.
In this chapter, a further validation of the material model for complex load sce-

narios of structural components is performed. This is done with bolt-pull-out tests,
which present a fracture scenario at a bolt-connection. Aside from the aspect of
validation, the test allows for a comparison of SWRA and non-reinforced aluminum
for pin-joint connections and assesses fracture process and crack propagation in the
reinforced aluminum. With the validated material model, two crash energy absor-
bing structures are analyzed by means of simulation and experiments.
The first example is a dynamic axial crushing of an extruded crash tube, which

would be employed in the crumple-zone of a car as shown in figure 1.1(a), absor-
bing crash energy for a front impact. The second example is a dynamic three-point
bending of a reinforced section, which is taken as an abstraction of a side-impact
load case at the B-pillar or the side sill impacting a pole. The simulated results are
confirmed by dynamic three-point bending tests in a drop tower.

5.1. Validation of the simulation methodology on
structural level with bolt-pull-out tests

Aiming at a comprehensive validation of the suggested material modeling methodo-
logy, the bolt-pull-out test is suggested. In contrast to the tensile tests, the fracture
behavior is less foreseeable, the stress state less uniform and multiaxial. A scheme of
the test setup is shown in figure 5.1(b) and the simulation model for a bolt-pull-out
in SWRA is shown in figure 5.1(c). As for the simulation of the tensile tests, the
element length is kept close to lc =0.5 mm, in order to meet the element length for
which the shear modified GTN model was calibrated for.
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Figure 5.1.: Bolt-pull-out test and corresponding simulation model [81]

The tests are performed for SWRA in the direction of and perpendicular to
the reinforcement direction, as well as for non-reinforced aluminum in extrusion
direction. The specimens are all cut from the same extruded sections as shown
in figure 1.2(b) by waterjet cutting. A hardened, high-strength steel bolt with a
diameter of 10mm is inserted in the hole and pulled through the specimen until
final fracture. For the sake of an easy experimentation, the hole is slightly oversized
with a diameter of 10.5mm. The specimens are clamped on one side using wedge
gripping jaws and the bolt is held in a stiff holder profile.
Only a short gripping length of 5mm could be realized for tests perpendicular to

wire direction. This led to a noticeable rotation and sliding of the gripping jaws.
However, the specimens were tightly gripped until final fracture. A correction of
the tensile test data is done by recording the sliding motion of the gripping jaws
and the deformation of the testing machine. The here presented bolt displacement
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is a relative displacement between two measuring points, one mounted alongside
the upper grip jaw, the other mounted on the stiff fork which holds the bolt. The
experimental setup is shown in figure 5.1(a).

5.1.1. Bolt-pull-out in the non-reinforced aluminum matrix
Four non-reinforced specimens were tested in extrusion direction, showing two dis-
tinct fracture modes presented in figures 5.2(a), 5.2(b). All specimens neck in tension
in the side flank, with the neck developing into a ductile crack as in figure 5.2(a) for
one of four specimens. For two specimens, the by necking initiated crack turns into
the direction of pull-out, which results in a shear fracture. One specimen fractured
exclusively in a shear-out fracture type. A high plastic deformation of the front edge
is evident as orange-peel effect.
The simulation predicts the experimentally observed initial ductile failure in the

side flank at the right position. This is followed by a crack which grows in the
direction of maximum shear with a sudden shear-out fracture. Using a symmetric
simulation model, the unsymmetric fracture mode of figure 5.2(a) cannot be repro-
duced. Comparing the evolution of the shear crack, the simulation does not capture
the sharp crack parallel to pull-out direction. This is due to a mesh dependency of
the crack evolution, which can hardly be avoided at the chosen element size.
Comparing simulated and experimental curves of force versus bolt displacement

in figure 5.3(a), several differences can be noticed. The initial slope of the force
is stiffer in the simulation, which is most likely due to a deformation of steel bolt
and holder profile, not being compensated by the experimental measurements. The
force level in the pre-fracturing regime is overall lower than the three experimental
curves, which was already observed at the reinforced tensile specimens. This can
be attributed to an age hardening of the aluminum matrix given the time between
the experimental material characterization (November 2013) and the bolt-pull-out
tests (July 2014). This was confirmed by layered-compression tests in July 2015 (see
appendix A.5), revealing a significant amount of age hardening. A further source
for the discrepancy in the simulation model is the inherent plastic orthotropy in
the aluminum matrix. Onset of fracture, evolution of fracture and final rupture are
predicted satisfactory.

5.1.2. Bolt-pull-out in SWRA in wire direction
For a bolt-pull-out in wire direction, SWRA exhibits a quite similar fracture as the
non-reinforced aluminum matrix, as shown in figure 5.2(f). An initial neck develops
in the tension regime, however, an initiated ductile crack perpendicular to the pulling
direction is stopped as it reaches the first reinforcing wire. This shows a crack
arresting property of the wire reinforcement. A subsequent shear fracture develops
quite analogous to the non-reinforced aluminum. The crack evolution is along the
wire-matrix interface and is accelerated by it, as the interface is the weakest link in
the composite.
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ductile fracture
after necking

(a) Ductile fracture in the side
flank with shear fracture
in the front edge
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(b) Necking failure with be-
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and shear fracture

evolution of
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(c) Simulated fracture show-
ing the evolution of the
crack
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(e) Simulated fracture

necking around wires

ductile fracture at
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(f) Experimental fracture
with ductile fracture
around the middle wire

(g) Simulated fracture

Figure 5.2.: Experimental and simulated bolt-pull-out fracture modes for non-
reinforced aluminum (a, b, c), SWRA in wire direction (d, e) and per-
pendicular to wire direction (f, g) [81]
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Figure 5.3.: Experimental and simulated force versus bolt–displacement curves [81]
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A wire-matrix debonding results in a lower maximum force and the accelerated
crack evolution in a lower fracture resistance. A second crack is due to a debonding
of the middle wire and a growth of the created void in tension perpendicular to the
middle wire. After total fracture of the specimen, the bolt is pulled through and the
frictional contact results in a plateau formation of the pull-out force. Simulated and
experimental fracture prediction in figure 5.2 show a very good agreement, as well
as simulated and experimental force versus bolt–displacement curve in figure 5.3(b),
falling within the experimental scatter of four tested specimens.

5.1.3. Bolt-pull-out in SWRA perpendicular to wire direction
Pulling the bolt perpendicular to the wire direction causes a fracture in the side
flank of the specimen. The wire in the tensile stressed region debonds from the
matrix and a void is created. The remaining cross section of the aluminum matrix
fractures after a necking process, with a crack running along the debonded interface.
Final fracture occurs at a much lower bolt displacement with a sudden rupture of
one side flank. In addition to this crack, the aluminum matrix necks at the positions
of the reinforcing wires, which is due to the non-homogeneous stiffness distribution
and a debonding of the wires.
A curiosity is found with SWRA showing a higher maximum force for pull-out

perpendicular to wire direction, than in wire direction. This can be explained by
assuming that a total debonding of the wires for both tests, in and perpendicular
to wire direction occurs. The critical remaining aluminum cross section, which has
to withstand the pull-out load is equal for both load cases. For a pull-out in wire
direction, the remaining cross section is mainly loaded in shear, whereas for pull-out
perpendicular to the wire direction, the prevailing load is tension. The matrix’s
higher strength in tension compared to it’s shear resistance (see figure 4.2) explains
the higher maximum force for a bolt-pull out perpendicular to the wire direction.

5.1.4. Summary and discussion of the bolt-pull-out test results
The bolt-pull-out in aluminum and SWRA leads to ambiguous results. Compared
to non-reinforced aluminum, SWRA exhibits a maximum force which is 5% (pull-
out perpendicular to wire direction) up to 13% lower (reinforcement in pull-out
direction). For a reinforcement in pull-out direction, a crack arresting behavior was
determined and the evolution of fracture is slower than in non-reinforced aluminum.
For a reinforcement perpendicular to wire direction, a crack stimulating effect of the
wire-matrix debonding is evident, with a sudden rupture of the specimen after the
peak force.
Based on these findings, an increase in fracture toughness for pin-joint connec-

tions might be reached by reinforcing aluminum in a suitable way. Even though the
aluminum matrix was weakened by a wire reinforcement, the results of the pull-out
tests in wire direction points to an increased fracture toughness. An optimized po-
sitioning of the wires still offers further improvement. With respect to the capacity
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of energy absorption, no significant benefits are found for reinforcement in pull-out
direction, yet, a decrease for a reinforcement perpendicular to pull out direction is
evident.
Based on the consistently good agreement between simulation and experiment

of SWRA at two complex load and fracture scenarios, the modeling technique, as
well as the material and fracture model is confirmed as valid. Differences in the
simulated force level at non-reinforced aluminum mainly are mainly attributed to
an age hardening of the aluminum matrix during the time between material charac-
terization and bolt-pull-out testing. Plastic orthotropy of the aluminum matrix is
one further cause of the differences and currently cannot be considered by the shear
modified GTN model.

5.2. Axial crushing of extruded non-reinforced and
steel-wire-reinforced aluminum crash tubes

An example for a crash-loaded structure made from SWRA is an axial crash tube.
Prior to discussing the use of a steel wire reinforcement, a short theory on axial
crash tubes is given.

5.2.1. Design constraints for axial crash tubes
Crash tubes in the front crumple-zone of a car are designed and used to absorb
kinetic energy at frontal impacts. A progressive buckling mode (see figure 1.1(b))
developing in the crash tube converts the kinetic energy into plastic strain energy. In
order for the progressive buckling to set in, the slenderness ratio must be chosen low
enough to avoid a global buckling. For a global buckling of the crash absorber, the
deformation confines to a small zone, thus, it offers a much lower capacity of energy
absorption than the progressive buckling mode. Since the axial crash tubes are
simply supported, the condition for the slenderness ratio λ to avoid global buckling,
using equation (2.11) is

2 · l ·
√
A

I
(= λ) < λcrit. (5.1)

Rearranging equation 2.10 yields for the critical slenderness ratio λcrit

λcrit =
√
π2 · E · A
Fmax

(5.2)

with the peak force Fmax, which is estimated based on the material’s yield strength
(here Rp0.2) and the cross section area of the crash tube by [122]

Fmax = σy · A. (5.3)
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Besides avoiding buckling, this initial peak force needs to be limited for two further
reasons. Firstly, the supporting structure where the crash tube is mounted to has
a limit load for failure, which must not be exceeded. Secondly, the forces and
accelerations affecting the passengers must be limited to a tolerable range. This is
reached by a proper design of crumple-zones, which dissipate the kinetic energy at
a limit mean force over a certain interval of time.
Studies on the severity of whole-body accelerations on the human body suggest

an absolute maximum bearable acceleration a of 200 times the normal acceleration
g (a

g
= 200) [69], yet only for very short impulse durations of Ti < 6 ms [104]. The

longer the duration of the impact, the less acceleration is bearable and the higher is
the risk of lethal injuries. A criterion for the occurrence of severe injuries, depending
on acceleration and impulse duration is derived in [69]

Ti ·G2.5 = 1000 (5.4)

with the pulse duration Ti in seconds and the dimensionless whole body acceleration
G = a

g
. For the typical pulse duration of car accidents of 100 ms to 200 ms [29], the

bearable accelerations are about 30 g to 40 g. Similar criteria were deduced based
on extensive experimental surveys for various body parts, such as the head injury
criterion for head accelerations [54].
A stable progressive folding mode of the crash tube is started and facilitated by

introducing a trigger, which predefines the shape of the first fold. Some exemplary
trigger concepts are:

• hoop dents [1]
• local reduction of the tube’s wall thickness [123]
• conical reduction of the tube’s radius [119]
• thermally modified zones [86]

Figure 5.4(a) shows an exemplary extruded hollow crash tube with a square cross
section and a wall-thickness reduction as trigger mechanisms. Figure 5.4(b) gives the
corresponding force versus impactor–displacement plot evaluated in a drop-tower
experiment, with the characteristic folding steps denoted

1. initial force peak at the moment of impact
2. peak for first fold
3. peaks for regular folding modes
4. compaction of the fully folded tube; the impact energy was too high for a

complete absorption by folding.

The non-reinforced aluminum tube shows small cracks in the highly deformed folds,
albeit no major cracks impair the structural response. The folding behavior of the
triggered tube was reproduced by four crushed tubes and the force–displacement
curve as well as the resulting fully crushed tube in figure 5.4(c) stands exemplary
for all four tubes. Figure 5.4(d) shows simulation results, which were generated using
material data provided by [88] and a phenomenological fracture model [82].
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5.2.2. Quasistatic compression behavior of steel-wire-reinforced
crash tubes

First experiments considering the fracture behavior of steel-wire-reinforced alu-
minum crash tubes were performed by Wedekind1. Circular crash tubes of the di-
mensions 44x5 mm with four reinforcing wires (90◦-spacing) were impacted. Further
analyses were made by the author with square reinforced sections as in figure 1.2(b).
Stubby tubes with a high thickness to width ratio are not appropriate for crash

absorbing elements for three reasons:

• no proper progressive folding behavior [110]
• the high wall-thickness increases the initial peak force (see equation (5.3))
• a low slenderness ratio results in a low bending resistance, making it susceptible

to global buckling, especially for off-axis crash events [134].

However, more suitable geometries were not available during the course of the in-
vestigations due to production limitations.
The results for stubby crash tubes made from SWRA, thus, should be understood
as fundamental investigations considering the suitability of SWRA for crash tubes,
since a general comparison of SWRA to non-reinforced aluminum is possible. Direct
comparisons to standard automotive crash tubes are, at this technology readiness
level, not significant.
Assessing the fracture behavior of crash tubes made from SWRA, Wedekind tested

circular tubes with an impact energy of 1350 J. The impact caused a push-out of
the high-strength steel wires into the mounting plate as shown in figure 5.5(b). This
shows, that a total debonding of the steel wires occurred, which is predicted by
simulation. Consequently, no further loads are transfered to the wire by interface
shear stresses (except by contact) and the energy absorption of the wire is only due
to bending in order to follow the folding of the aluminum matrix. This bending
absorbs only little energy, as the deformation of the wire is confined to small areas
in the fold [119].
Although the low impact energy only released one fold, the fracture behavior is

evident. As already seen for the bolt-pull-out tests, the wires debond and the resul-
ting void weakens the aluminum matrix, making it prone to fracture. The evolution
of the crack is accelerated by the failed wire-matrix interface. With a progression
of the crack through the crash tube, the energy absorption is reduced by the steel
wires.
Crash tubes with a hollow square cross section and a higher reinforcement content

were quasistatically tested by Matias [72]. Although not being tested dynamically,
Jones [54] states that if the impacting mass is much larger than the tube mass and
the impact velocities are in the order of up to some tens of meters per second, a
quasistatic crushing test approximates the dynamic test reasonably well. This, is
not true for materials with a pronounced strain rate sensitivity.

1Max Wedekind, Lehrstuhl für Leichtbau, TU München
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(a) Top view showing the first fold (b) Bottom view showing pushed-out wires

Figure 5.5.: Circular crash tube made from SWRA after impact with 1350 J (photos
courteously provided by M. Wedekind)

In order to release a stable folding, the tubes are triggered in a combined approach
using both dents and cutouts as shown in figure 5.6(a). The folding stands exem-
plary for the folding behavior of two tested specimens. A third specimen did not
enter a stable buckling and the test was aborted.
Analysing the force–displacement curve, a low initial peak force of about 80 kN

is achieved by the triggering strategy. With the start of the second fold, the peak
folding force rises above the initial peak force to 140 kN. This is caused by the geo-
metrically stiff edges, which were cut out for the trigger but now have to follow the
folding motion of the second fold. A further increase in the folding force is caused
by contact of the folds, blocking their free motion. The folding behavior is almost
exclusively defined by the geometry of the aluminum tube. This is confirmed by
simulations of the SWRA tube and a non-reinforced tube, which show very similar
folding patterns and force–displacement curves. With the currently manufacturable
wall-thicknesses, the high crushing forces stand against a use of SWRA for crash
tubes. Further, the failure and fracture characteristics of the SWRA tube leads to
the conclusion, that the aluminum section does not profit from a steel wire rein-
forcement.
Figures 5.6(c), 5.6(d) summarize the characteristics of the fracture behavior of the

square reinforced tube. The SWRA tube shows a push-out of the wires into the
mounting plate, similar to the cylindrical tubes. With a total debonding of the
wires, a reinforcement is no longer given and an increased energy absorption is un-
likely. Initial cracks develop in the aluminum matrix at the corner positions of the
cut-outs. These cracks turn into the direction of the closest wire element and split
the aluminum matrix along the failed wire-matrix interface. More cracks are de-
tected at further wire positions, hence, the wires encourage the formation of cracks
and reduce the energy absorption of the tube.
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5.3. Three-point bending with an impact load
A second type of crash absorbing element is analyzed with a reinforced section under
a three-point bending load. This idealized load case is exemplary for an automotive
B-pillar at a side-crash event. Previous research on this topic was done by Matias
and Morasch [72], who used a SWRA profile with a square cross section and a drilled
hole under a quasistatic three-point bending load, in order to examine a simplified
material and fracture model for SWRA based on a shell-beam model. Matias used
similar SWRA sections of the dimensions 50x50x5 mm and found, that no fracture
occurs for non pre-damaged sections [72, 80]. Therefore, holes were drilled into the
sections in order to release fracture for a validation of a simplified material and
fracture model. The specimens are shown in figure 5.7. Stöckl [106] further used the
same geometry to validate the here shown material and fracture modeling technique
based on 3D-volume elements.
The results of the quasistatic tests were used in order to assess the energy ab-

sorption of the bending specimens and the experimental setup was transfered to an
impact test conducted at the drop tower of TU Dresden2.

5.3.1. Experimental test setup
All specimens were impacted with a mass of 46 kg dropped from a height of 4.45m,
resulting in an impact energy of approximately 2 kJ. Non-reinforced sections were
impacted at the same conditions, in order to assess the effect of the wire reinforce-
ment. At least three specimens of each type (16mm and 26mm hole, non-reinforced
aluminum and SWRA) were tested and force and displacement of the impactor were
recorded at a frequency of 20 kHz. The impact was filmed with a high-speed camera
system and the force signal was post-processed with a 6th order butterworth filter
and a corner frequency of 4 kHz.

5.3.2. Interpretation of test results
The three-point bending impact is shown exemplary for all tested specimens in
the series of images in figure 5.8, each depicting corresponding force over impact
displacement and impactor velocity together with a photo from high-speed imaging.
The impact can be divided into four stages:

1. initial contact
2. plastic deformation
3. onset of fracture and evolution accompanied by loss of resistance
4. sliding of the fractured section into the gap between the supports

2Leichtbau-Zentrum Sachsen GmbH, www.lzs-dd.de
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Figure 5.7.: Experimental setup and test specimen for three-point bending test with
an impact load; pre-damaged SWRA section with drilled holes

After the initial impact, most energy is absorbed by means of elasto-plastic deforma-
tion of the bending section. The exact start of the fracture process is not recorded
by the videos, since it starts for all specimens in the tension region at the drilled
hole in the lower chord.
Simulations predict an onset of fracture shortly after reaching the maximum force,

starting with a fracture of the first wire next to the drilled hole.
During the quasistatic bending tests of Matias [72], this behavior was observed with
a clearly audible cracking noise of the wire, before a visible fracture of the matrix set
in. The following loss of resistance is caused by crack growth and by softening due
to the geometric nonlinearity of the problem. Non-reinforced and reinforced section
with a small hole of 16mm absorb all incoming energy before sliding into the gap
between the supports, whereas the sections with a hole diameter of 26mm do not.
They rip up to the upper chord and are compressed into the supports, which finally
absorbs the remaining kinetic energy. For evaluation of the absorbed crash energy,
the compression of the sections with 26mm hole is excluded.
Comparing non-reinforced and reinforced sections, a crack arresting effect or a

crack deflection along the wire-matrix interface when the crack strikes a steel wire is
not observed. Since the wire content in the reinforced chords is low at only φw =2 %,
the differences between reinforced and non-reinforced aluminum are small to negli-
gible. This is obvious when comparing the force–displacement curves of reinforced
and non-reinforced specimens in figure 5.9. Despite of the small differences, the
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Figure 5.9.: Force–displacement curves for non-reinforced and reinforced specimens
with drilled holes of 16 mm and 26 mm diameter

energy absorption of all tested reinforced sections is lower than of the corresponding
non-reinforced sections.
An overview on experimental results is given in table 5.1. The energy absorption is

calculated via the force–displacement curve and shows continuously lower absorption
capacities for the SWRA specimens. However, the differences in averagely absorbed
energy between non-reinforced and reinforced specimens are maximally 9.4% at this
low wire content. This is also reflected in the force–displacement curves shown in
figure 5.9.
Even with constantly lower energy absorptions during the three-point bending

tests, a concluding statement on benefits or disadvantages of a steel-wire reinforce-
ment on the energy absorption cannot reliably be made. Firstly, the sections were
pre-damaged in order to release fracture for an evaluation of a crack arresting effect
of the wires and a validation of a fracture model. Thus, some of the reinforcing wires
are cut and do not fully participate in the energy absorption. Secondly, the load
case causes a deformation that concentrates on a narrow area as seen from figure 5.8
and the high-strength of the wires is only used in the center area. For these reasons,
a validation of the simulation methodology also for dynamic impact conditions is
done. With valid simulation models, a reliable assessment of the crash performance
of SWRA is made.
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Table 5.1.: Energy absorption of bending sections with drilled holes made from
SWRA and non-reinforced aluminum

Specimens
non-reinforced,
16mm hole

Impactor velocity
before impact in
m/s

Kinetic energy
in J Absorbed energy in J

UV161 9.16 1930 1948
UV162 9.09 1900 1994
UV163 9.17 1934 1997
UV164 9.12 1913 1999

Average 1985
Specimens
SWRA,
16mm hole

Impactor velocity
before impact in
m/s

Kinetic energy
in J Absorbed energy in J

V161 9.07 1892 1866
V162 9.12 1913 1893
V163 9.10 1905 1880

Average 1880
Specimens
non-reinforced,
26mm hole

Impactor velocity
before impact in
m/s

Kinetic energy
in J Absorbed energy in J

UV261 8.97 1851 1464
UV262 8.95 1842 1440
UV263 9.05 1884 1554

Average 1486
Specimens
SWRA,
26mm hole

Impactor velocity
before impact in
m/s

Kinetic energy
in J Absorbed energy in J

V261 8.97 1851 1347
V262 8.97 1851 1316
V263 8.98 1855 1368
V264 9.00 1863 1401

Average 1358
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5.4. Validation of the simulation methodology by
dynamic three-point bending test with an impact
load

The discussed SWRA sections subjected to the dynamic impact load as in figure 5.7
are modeled for correlation and validation purposes under dynamic conditions. The
simulation methodology, which was validated for quasistatic conditions with bolt-
pull-out tests is used. Since the dynamic impact tests took place four months after
the bolt-pull-out tests, the aluminum matrix further age hardened. In order to ac-
count for the higher strength, the strain hardening curve from layered-compression
tests (see appendix A.5) is taken, which were conducted after the dynamic impact
tests. It is further assumed that the fracture properties of the stronger aluminum
matrix remain unchanged. As determined in specimen tests, strain rate hardening
effects are very small and, therefore, are neglected.
The two-fold symmetric simulation model is shown in figure 5.10. Contact between
impactor and section, as well as between section and bending support is modeled via
contact conditions. Therefore, a segment based contact model is utilized, which is
favorable over a standard node penalty based contact at detecting penetrations for
edge-to-edge contact [66]. Changing contact surfaces of the section due to material
erosion and fracture are taken into account by using an erosive contact model.
Table 5.2 lists the energy absorption of experiment and simulation for the two con-

sidered SWRA specimens. The differences between the simulated and experimental
values are below 15%, which presents a good agreement considering the complexity
of the problem. The force–displacement curves shown in figure 5.11 match in terms
of maximum force, fracture onset and fracture evolution, so that the simulation
methodology and the material model is validated also for highly dynamic loads.
A higher energy absorption in the simulation stems from a higher strain hardening
based on the layered-compression tests, which were performed after the impact tests.

Table 5.2.: Comparison of energy absorption of reinforced bending sections with
drilled holes from experiment and simulation

Specimen 16mm hole 26mm hole

Average energy absorption in J from
experiment 1880 1358

Simulated energy absorption in J 1994 1550
Difference in% 6.06 14.1
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Figure 5.10.: Twofold–symmetric simulation model of reinforced section with drilled
holes under impact load and bending support

5.5. Fully clamped section under impact load
An idealized load case which is considered to make best use of the high-strength
of the steel wires is a fully clamped section under a bending impact load. With
clamped wires, the impact load is introduced even when the interface between wire
and matrix completely fails. The clamping is experimentally hard to ensure, yet
could be done by welding the sections to load bearings. However, the aluminum
matrix would be weakened in the heat-affected zone and a clamping of the wires is
not possible by welding. This makes the section prone for failure at the fixture, not
allowing for a meaningful analysis. With these experimental difficulties in mind,
a comparison between fully clamped SWRA and aluminum sections is done solely
based on numerical simulation.
In order to retain comparability to the pure three-point bending tests, the fully

clamped sections rest on the same bending supports as used before. Exploiting the
twofold symmetry, only a quarter of the problem is simulated with the simulation
model of the dynamic impact bending simulation in figure 5.12. An impacting mass
of 390 kg at 8m/s, results in a total impact energy of 12.48 kJ for the quarter model
and 49.92 kJ for the full section. This impact energy was sufficient to completely
fracture the fully clamped sections and allows for the evaluation of the totally ab-
sorbed energy.

Fracture in the non-reinforced aluminum is predicted in the middle of the sec-
tion where the impactor strikes, with a small crack at the fixture. For the SWRA
section, the bending impact causes a debonding of the wires. The then unsupported
wires start necking and fracture early. Please note, that even though a total de-
bonding of the wires occured, interface friction and bending of the wires caused a
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Figure 5.12.: Twofold–symmetric simulation model of fully clamped reinforced hol-
low section under impact load and bending support
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multiple fracture of the wires, shown in figure 5.13(c). The aluminum matrix sub-
sequently necks and fractures at the position where the wires have fractured (see
figure 5.13(b)). This happens at a lower global deformation than in non-reinforced
aluminum, additionally, the evolution of the crack is faster in the by wire-fracture
pre-damaged aluminum matrix.
The totally absorbed energy of the SWRA section, therefore, is with 8.14 kJ about

23% lower than the absorbed energy by the non-reinforced aluminum section with
10.54 kJ. However, the position of the wire fracture is decisive for the position of
fracture in the aluminum matrix and will lead to a different energy absorption of
SWRA. Changing the fracture model of the wires from the softening model from
section 4.6.2 to a model without softening and a fracture strain of εp

fr = 0.4 shifts
the wire fracture and causes a fracture in SWRA similar as in the non-reinforced
aluminum section. The absorbed energy of SWRA then is higher with 10.17 kJ.
In any case, it can be concluded, that the energy absorption of SWRA is sensi-

tive to the position of wire fracture which defines the position of matrix fracture
and weakens the resistance of the aluminum matrix. The energy absorption of the
wires does not significantly contribute to the totally absorbed energy and is for both
analyzed wire fracture models in the range of 374 to 438 J.

89



(a) Fracture in fully clamped non-reinforced
aluminum section

(b) Fracture in fully clamped SWRA section

multiple wire fracture

(c) Fracture of the single wires at multiple
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Figure 5.13.: Fracture of a fully clamped, wire reinforced section under dynamic
impact crushing and bending support
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6. Outlook on improvements to
steel-wire-reinforced aluminum
with respect to energy absorption

It was shown that the currently fabricable sections of SWRA do not offer a better
performance for crash absorbing structures compared to non-reinforced aluminum.
Moreover, fabrication restraints further limit the use of SWRA in crash absorbers.
Bearing in mind that the composite extrusion technology is rather young, future
improvements are probable and will allow for a higher reinforcement content, a bet-
ter interface strength and, with higher press capacity, also aluminum matrices with
higher strengths. For flat extruded members, the aluminum alloy EN AW-6082 has
already been fabricated with a reinforcement content of φw ≈ 13 % and a wall-
thickness of 3mm (see figure 6.1).

48
3

∅ 1.5

Figure 6.1.: Flat reinforced section with a wire content of φw =13.5 %

In this chapter, the effects of future improvements on the energy absorption of
SWRA structures is predicted. This will help finding profitable ways of improving
SWRA. For quasistatic loading and on a specimen scale, expectable improvements
have already been discussed in section 4.6, so that further analyses are made at
the example of the fully clamped bending section under impact load. All analyzed
section geometries are summarized in figure 6.2. For a better readability, the sections
are abbreviated according to their cross section and wire content as in figure 6.2.
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(b) SWRA section with seven
wires and a wire content
of φw ≈ 2.2 % in the re-
inforced belts (“V505_7”)

(c) SWRA section with
sixteen wires and wire
content of φw ≈ 5 %
in the reinforced belts
(“V505_16”)
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(d) Non-reinforced aluminum
section with the di-
mensions of 48x3mm
(“UV483”)

∅ 1.5 mm

(e) SWRA section with 11
wires and a wire content of
φw ≈ 13.5 % in the rein-
forced belts (“V483”)

Figure 6.2.: Cross section geometries of simulated sections with prospective
improvements

6.1. Improved interface strength
By improving the interface strength, the wire is kept from necking, which is the
main reason for wire fracture. The high strength of the wire is sustained for higher
strains, which results in a higher energy absorption. For an optimal use of the wire’s
strength, an infinitely strong interface is considered. This, however, does not allow
for a crack deflection along the wire-matrix interface and further hinders the matrix
from deforming freely.
Since wire fracture occurs even without prior debonding, a fracture strain of

εp
fr = 0.7 is applied. For this case, fracture of the matrix is not inititated by frac-
ture of the wires. The wires are supported until fracture of the matrix so that the
interface with infinite strength is considered as best case scenario. Due to the local
deformation of the impact bending load, high strains in the wires are only local
and the by the wires absorbed energy is low. The increase in energy absorption by
the infinite interface strength by 54% compared to the original interface strength,
therefore, has to be attributed to the fact, that fracture of the matrix is no longer
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initiated by wire fracture. The results are listed in table 6.2.

6.2. Increased wire content
A higher wire content is simulated based on the three sections in figures 6.2(b),
6.2(c), 6.2(e). Firstly, the higher wire content is obtained by increasing the number
of wires in the reinforced belts from 7 to 16 wires, with the wire content in the
reinforced belts rising from φw = 2.2 % to φw = 5 %. Secondly, based on the shown
flat sections with a wire content of φw = 13.5 % (figure 6.1), a reinforced hollow
section is modeled. The material properties of the thicker wires, as well as the
thinner matrix are assumed to be unchanged.
The resulting energy absorptions for a higher wire content are summarized in

table 6.3. A higher wire content leads to a less aggravated capability of energy
absorption. Since the sections with higher reinforcement content are stiffer, the
bending deformation is more homogeneous and less concentrated to the impact area.
This causes a better participation of the steel wires and increases the toughness of
the section. However, the energy absorption is still lower than for the non-reinforced
aluminum section.

6.3. Aluminum matrix with higher strain hardening
Aluminum matrices for composite extrusion were reviewed by Weidenmann [124],
with extrudability as one main criterion. He suggested three alloys EN AW-6060,
EN AW-6063 and EN AW-6005A, which, aside from extrudability, offer age har-
dening, weldability and a good resistance to corrosion. The extrudability of these
alloys, however, comes with a low strength. During the course of the project TR10, a
quenching was included into the manufacturing chain of composite extrusion. Ham-
mers [43] concentrated on the influence of quenching, heat treatment and stretch-
forming of composite extruded members and analyzed reinforced aluminum with ma-
trices of EN AW-6056 and EN AW-2099. EN AW-6056(T6) and EN AW-2099(T6)
both offer an increased UTS of 260MPa and 249MPa, respectively. Merzkirch [77]
examined steel-wire-reinforced aluminum with an EN AW-6082 alloy with an UTS
210MPa. Possible improvements due to an increased strength of the aluminum ma-
trix are assessed in the following.
For a material characterization of EN AW-6082T6, Reeb supplied tensile test

data from axisymmetric circular specimens, taken from an extruded section with a
wall-thickness of 5mm. Based on the test data, the strain hardening parameters of
Voce’s function are identified in a constrained fitting approach; they are summarized
in table 6.1. With the experimentally determined strain hardening, the axisymmet-
ric GTN parameters are evaluated. Therefore, the GTN parameters of EN AW-6060
as in table 4.1 were tried as starting values, which already led to an almost perfect
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Table 6.1.: Identified strain hardening parameters of Voce’s function for EN AW-
6082T6

Yield strength σy Saturation stress σs Prestrain ε0

145.23 347.44 0.0803

agreement between simulated and experimental force–strain curve (see figure 6.3).
Thus, no further adjustment was necessary. Since shear test data was not available
for this alloy, the shear damage parameter is assumed to be unchanged. This as-
sumption conveniently leads to a separate examination of the effect of a higher strain
hardening of the aluminum matrix on the crashworthiness of steel-wire-reinforced
aluminum, decoupled from changing fracture parameters. Since the axial interface
shear strengths of the by Hammers [43] and Merzkirch [77] analyzed systems are
close to the one of the discussed SWRA system, the interface properties are also
assumed to be unchanged.

Table 6.4 summarizes the energy absorption of non-reinforced and SWRA sec-
tions with EN AW-6082T6 matrix. It is obvious, that the stronger aluminum matrix
leads to a higher energy absorption in every simulated case. The wires absorb a little
more energy, since the higher strength of the matrix leads to a more global defor-
mation of the section in contrast to high local deformations around the impactor for
the ductile matrix. Therefore, a more even loading of the wires leads to a higher
energy absorption. However, an improvement of the total energy absorption due to
a wire reinforcement is not detectable for the stronger matrix alloy.
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Figure 6.3.: Experimental and simulated stress–strain curves with optimized Gurson
parameters for EN AW-6082
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Table 6.2.: Energy absorption of fully clamped sections under impact bending load,
SWRA with varying interface strength

Interface strength non-reinforced σnmax =25 σnmax =∞, wire
fracture εp

fr =0.7

Cross section UV505 V505_7 V505_7

Energy
absorption in J 10542 8139 12585

Energy absorbed
by the wire in J 0 374 688

Table 6.3.: Energy absorption of fully clamped sections, SWRA with varying wire
content

Wire content 0% 0% 2.2% 5% 13.5%

Cross section UV505 UV483 V505_7 V505_16 V483

Energy
absorption in J 10542 4179 8139 9156 3832

Energy absorbed
by the wire in J 0 0 374 806 452

Table 6.4.: Energy absorption of fully clamped sections under impact bending load,
SWRA with increased matrix strength

Higher aluminum
strength
(EN AW-6082)

Cross section UV505 UV483 V505_7 V505_16 V483

Energy
absorption in J 14458 5766 12654 13959 5420

Energy absorbed
by the wire in J 0 0 402 772 522
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6.4. Summary and discussion of energy absorption of
SWRA with prospective improvements

An increased interface strength is one approach to an improvement of SWRA. As
best case scenario, an infinitely strong interface was assumed, which significantly
improved the energy absorption of SWRA. This is for one part due to a better
use of the high strength of the steel wires, which can be seen from a higher energy
absorption of the wires. For the other part, the aluminum matrix is not weakened by
internal wire fracture. For the case that a much stronger interface can be reached,
the increase in energy absorption compared to non-reinforced aluminum is 18.5%
for the considered load case. An inifinitely strong interface is not possible and the
sensitivity analyses in section 4.6 showed, that increasing the interface’s normal
strength even by one order of magnitude from currently σnmax = 11 MPa to σnmax =
110 MPa, does not lead to noteworthy improvements. Higher improvements are
doubtful considering an already attentive pre-treatment of the wires for a good
bonding [124]. Therefore, increasing the interface’s strength is not a viable way to
improve the performance of SWRA in crash events.
A higher steel wire content slightly improved the performance of SWRA, since the

bending sections are deforming more homogeneously and the wires participate more
in an energy absorption. However, the performance of the non-reinforced aluminum
alloy was not reached.
From a structural point of view, it is for this clamped bending section much more

beneficial to switch to a non-reinforced aluminum section with higher strength, than
to reinforce a ductile matrix with steel wires. The improvement in energy absorption
for the stronger aluminum matrix was found to range from 37.1% to 41.4% for the
two cross section geometries. Since the clamped bending scenario is assumed being
a best case scenario, a better energy absorption of SWRA at other impact load cases
is improbable.
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7. Conclusion
The basic idea of a hybrid material is that the strengths of two materials are com-
bined and their weaknesses are reduced or even eliminated. SWRA, therefore, has to
compete against non-reinforced aluminum alloys and the mechanical benefits must
not only outweigh negative aspects of the hybridized material, but also outweigh
higher costs due to a higher complexity of the production process. This work eva-
luated on the mechanical performance of SWRA, focusing on its fracture behavior,
with a possible application in automotive crumple-zones in mind.
Analyzing the material’s elastic properties, the rule of mixture was confirmed for

the calculation of Young’s modulus of SWRA. Sections under pure bending are an
interesting application for SWRA, since the mass-specific stiffness increases in com-
parison to non-reinforced aluminum. Thermal residual stresses lead to a decrease
in tensile yield strength and an increase in compressive yield strength. A stretch-
forming of the extruded sections will release the residual stresses and with them the
strength-differential effect. If no stretch-forming is done, an increased compressive
yield strength is beneficial for instance for axially compressed struts.
Focusing on the material’s plastic properties and on failure and fracture behavior,

the process of debonding of the wires was shown to be a major source of material
failure for all load cases different from uniaxial loading in wire direction. Subse-
quently to debonding, the wires neck and fracture and the resulting gaps weaken
the aluminum matrix, which fractures earlier than the non-reinforced aluminum al-
loy. Therefore, neither a higher fracture toughness nor a higher capacity of energy
absorption are reached by steel-wire reinforcement. This was shown by quasistatic
and dynamic impact simulations and was confirmed by experiments. Prospective
improvements of SWRA were evaluated, yet, neither a higher wire content, nor the
use of a stronger aluminum matrix led to an improved energy absorption compared
to the non-reinforced aluminum alloy. Considering the best case of an infinitely
strong, non-failing interface between wire and matrix, the attainable improvements
in fracture toughness and capacity of energy absorption turned out to be rather
limited.
Based on the performed analyses, a steel-wire reinforcement for aluminum sections

undergoing dynamic impact loadings is not recommended.
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A. Appendix

A.1. Mass-specific bending stiffness –
SWRA in comparison to non-reinforced aluminum

The mass-specific bending stiffness Sρ comprises of the geometrical bending moment
of inertia I times the material’s elasticity E, divided by the material’s density.

Sρ = EI

ρ
. (A.1)

For the aluminum I-beam shown in figure 2.2, the geometrical moment of inertia is

IAl = t · (b− 2t)3

12 + 2 ·
a · t3

12 +
(
b− t

2

)2

· a · t

 . (A.2)

The moment of inertia of the embedded steel wires is

ISt = π

4 · r
4
w + π · r2

w

(
b− t

2

)2

. (A.3)

The mass-specific bending stiffness of the aluminum section, thus, is

Sρ,Al = EAl · IAl

ρAl
. (A.4)

For the SWRA section with a number of n wires and a resulting wire content φ, the
mass-specific bending stiffness is

Sρ, SWRA =
∑

i Ei · Ii

ρAl + (ρSt − ρAl) · φw
, (A.5)

with the sum over the bending stiffness of the aluminum matrix and the steel wires

Sρ,SWRA = EAl · IAl + n · (ESt − EAl) · ISt

ρAl + (ρSt − ρAl) · φw
. (A.6)

Here, the bracket (ESt − EAl) takes into account, that the steel-wires replace the
aluminum material, so that the increased stiffness is due to the difference in the
Young’s moduli.
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A.2. Temperature-dependent elasto-plastic material
properties and CTE of aluminum matrix and
steel wire

A.2.1. Temperature-dependent CTE
The averaged CTE of aluminum alloy EN AW-6060 is given by [94] and the cor-
responding tabulated data is given in tableA.1. The measured CTE of the steel
alloy 1.4310, extrapolated with Grüneisen’s equation, is taken from [79] and shown
in figureA.1.

Table A.1.: Temperature-dependent CTE of aluminum alloy EN AW-6060 [94]

Temperature range CTE in 10−6 1/K

20◦C to 100◦C 23
20◦C to 200◦C 24
20◦C to 300◦C 25

Temperature in K
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Figure A.1.: Temperature-dependent CTE of the steel wire alloy 1.4310 — adapted
from [79]
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A.2.2. Temperature-dependent elasto-plastic material properties

The temperature-dependent elasto-plastic properties of the aluminum matrix are
evaluated from tensile tests at temperatures from 0◦C ≤ T ≤ 300◦C, which were
courteously provided by A. Reeb and M. Merzkirch1. Based on the test data, the
temperature-dependent Young’s modulus and yield strength were evaluated. A plas-
tic hardening for small plastic strains as occurring in the cooling simulation is con-
sidered by a plastic tangent modulus. The derived data is summarized in tableA.2.
The steel wire is considered to behave fully elastic during cooling, so that only a

temperature dependent Young’s modulus has to be considered. Tabulated data on
the temperature-dependent Young’s modulus of austenitic stainless steel similar to
1.4310 is given by [8] and added to table A.2.

Table A.2.: Tabulated data on temperature-dependent elasto-plastic material data
of EN AW-6060 and austenitic stainless steel [8]

Temperature Young’s modulus
in MPa

Yield strength
Rp0.2 in MPa

Plastic tangent
modulus in MPa

EN AW-6060

20◦C 64980 70 1774
100◦C 63377 70 1552
200◦C 58497 70 1364
300◦C 50338 60 1358

Austenitic stainless steel

20◦C 195000
100◦C 192000
200◦C 184000 fully elastic model for cooling simulation
250◦C 180000
300◦C 176000

A.3. Geometry of the dynamic tensile test specimen

Figure A.3 shows the geometry of the tensile test specimen used for the characteri-
zation of the strain rate hardening of the aluminum alloy EN AW-6082.

1A. Reeb and M. Merzkirch, Karlsruhe Institute of Technology, Karlsruhe
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Figure A.2.: Geometry of dynamic tensile test specimen

A.4. Geometry of flat tensile specimen and flat shear
specimen used for identification of the
parameters of the shear-modified GTN model

Figure A.3(a) shows the geometry of the flat tensile specimen, figure A.3(b) the
geometry of the flat shear specimen.
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(b) Flat shear specimen

Figure A.3.: Specimens for determination of GTN model parameters

A.5. Age hardening of EN AW-6060T4(F)
The simulations of the bolt-pull-out tests in chapter 5 show a consistently under-
predicted force-level in comparison to the experimental data. This was attributed
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mainly to an age hardening of the aluminum matrix during the time between ex-
perimental material characerization and the bolt-pull-out tests (about 8 months).
Additional layered-compression tests according to DIN 50106 [32] were performed 20
months after a first evaluation of the strain hardening curve had been done by ten-
sile tests. The comparison of evaluated strain hardening curves in figure A.4 shows,
that the alloy was not fully age hardened at the time of material characterization,
which was taken into account in the present thesis.
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Figure A.4.: Derived strain hardening curves from tensile tests at the time of ma-
terial characterization and from layered-compression tests 20 months
after material characterization
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